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 Abstract 
The possible occurrence of accidental fires impacting vessels for the transportation and storage of 

hazardous materials represents a key safety issue in the process industry. In these situations, the vessel 

heats up and pressurizes. This can lead to its catastrophic failure, generating devastating consequences. 

Such scenarios have been extensively investigated in the past decades, with the aim of increasing the 

understanding of their dynamic evolution and providing useful information to improve vessel design and 

emergency response planning. Numerous field studies and laboratory scale tests were carried out to 

reproduce fire impingement on pressurized tanks. At the same time, several models were developed in 

order to predict the thermal and mechanical response of vessels exposed to fire attack. However, previous 

modeling approaches suffer several limitations and need to be improved. On the other hand, data 

collected during previous experiments is not sufficient to effectively support the development and 

validation of advanced modelling tools such as computational fluid dynamic (CFD). 

With the aim of overcoming these limitations, a novel research program was proposed. This combines a 

fire tests campaign, carried out by means of an innovative experimental apparatus, and a modelling 

approach based on CFD. The tests were designed by Ian Bradley, a PhD student from the University of 

Edinburgh. A comprehensive description of the experimental apparatus and a detailed analysis of the 

tests results will be presented in his PhD thesis. 

Here, the experimental setup is briefly described in a dedicated section, where a preliminary analysis of 

the data from the fire tests carried out in the last two years is presented. The main findings, useful for the 

modelling activity, are discussed and recommendation for future tests are pointed out.  

The present work focuses mainly on the modelling part. Starting from previous approaches presented in 

literature by different authors, an improved CFD modelling setup was developed. Conditions of several 

fire tests involving LPG tanks were simulated and the results are compared with experimental 

measurements highlighting strengths and limitations of the modelling. Then, the same modelling 

approach (with minor modifications) was used to simulate the response of water tanks to fire exposure. 

Again, comparison with experimental data allowed an assessment of the model capabilities. In the last 

part of the work, an alternative approach is presented, based on models developed for the study of 

subcooled boiling flows that showed promising results in other fields of application. The aim was to 

explore the possibility of extending this approach to the case of vessels exposed to fire. The results 

reported in this part represent a preliminary assessment of this modelling setup. The work proves that 

CFD is a powerful tool for the development of advanced models able to accurately describe and predict 

the response of a pressure vessel exposed to fire. However, further work is needed especially regarding 

submodels for boiling. In this perspective, the aforementioned experimental set up has the potential to 

provide relevant data.  
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 Introduction  
In the last decades, the quantity of gases stored and transported as pressurized liquids experienced a fast 

and constant growth. In industrialized countries, chemicals handled in such conditions are widely 

exploited in several sectors. This is the case, for instance, of many raw materials for the process industry, 

such as ammonia or chlorine. Liquefied Petroleum Gas (LPG) and liquefied butane are extensively used 

as fuel for cars and tracks. Liquid Natural Gas (LNG) and liquid hydrogen are considered to be strategic 

in the transition towards a more sustainable society. 

At the same time, due to their inherent harmful properties, together with the large inventories often 

stored and transported, many liquefied gases are deemed to be potential major industrial hazards. Most 

of them, in fact, are either flammable or toxic (or have both characteristics). Unwanted releases of these 

substances can cause severe damage to human, environment and facilities. Examples of such events are 

the accidents that happened at Viareggio (Italy) and Lac-Megantic (Canada). The first of these, occurred 

29th of June 2006: a tank-car of a freight train containing liquefied petroleum gas (LPG) overturned and 

released its entire content. This vaporized and formed a cloud that extended over a residential zone near 

to the railway. The delayed cloud ignition, caused extended damages and 31 fatalities [1]. The second 

accident took place on the 6th of July 2013, when a 74-car freight train carrying crude oil derailed. About 

5.7 million liters of crude oil were released into the soil, water and air after the accident, generating a fire 

that burnt for two days [2]. 

Due to accidents such as those described above, the concerns about the risks related to liquefied gases is 

growing together with their use. In this framework, one of the most critical safety issues is the possible 

occurrence of accidental fires affecting vessels devoted to the transportation and storage of such 

materials. When this happens, the heat load due to the fire attack can lead to the thermally-induced 

rupture of the vessel. Consequently, the liquefied gas experiences a sudden depressurization from the 

storage pressure to ambient conditions. This phenomenon is associated with overpressure effects and is 

referred to as BLEVE (Boiling Liquid Expanding Vapor Explosion). As pointed out by many authors 

[3][4][5][6][7], BLEVEs can have devastating consequences. In addition to the shock wave generated by 

the fast phase transition, the shell fragments projected away due to vessel failure (missiles) represent a 

severe treat for people and equipment in the proximity of the vessel itself. If the released fluid is 

flammable, the BLEVE can be followed by a fireball. If it is toxic, the resulting gas cloud increases the 

damage potential of such scenario. In their review of accidents, Abbasi and Abbasi [6] highlighted how 

the 80-odd major BLEVEs occurred between 1940 and 2005, involving several kinds of substances, 

caused more than 1000 fatalities and over 10000 injuries. Therefore, preventing the occurrence of such 

events is of paramount importance.  

Since the 1960's, several researchers have devoted their work to improve safety in the field of 

transportation and storage of liquefied gases. Numerous field studies and laboratory scale tests were 

carried out on pressurized tanks in order to simulate fire impingement conditions, with the aim of 

increasing the understanding of such scenarios. In parallel, a series of models has been developed to 

predict the vessel response to fire exposure.  

Particular consideration was given to the fire exposure of storage and transportation vessels containing 

flammable pressurized liquefied gases, especially LPG. Over the years, experiments produced valuable 

knowledge in this field, in terms of identification of the physical phenomena occurring inside and outside 

a vessel under fire exposure. The main mechanisms characterizing such scenario are now better 

understood and models have been modified in order to be able to reproduce them and give more accurate 

predictions of the vessel response. However, to different extents, all of them rely on adjustable 
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parameters and simplifying assumptions tuned to specific experimental data sets. This limits their range 

of applicability and the possibility of using such models far from the experimental conditions used for 

their development. 

Several authors have pointed out that knowledge gaps still exist. Analysis of data collected during fire 

tests highlighted how the formation of a natural convection boundary layer and the thermal stratification 

of the liquid phase play a key role in the pressurization of a vessel under fire attack. However, none of 

the models in literature accurately describes such phenomena. On the other hand, specific experimental 

data supporting their empirical characterization is scarce, due to limitations in instrumentation design of 

the aforementioned fire tests. 

The specific assessment of the inner fluid behavior during fire exposure in terms of velocity, temperature 

and boundary layer determination was never the object of detailed investigation. This is critical for the 

development and validation of advanced modeling tools such as computational fluid dynamics (CFD). 

CFD is believed to be the best candidate to solve the problem of predicting the vessel response to fire 

attack in terms of pressurization rate, temperature distribution and time to failure, and to support detailed 

safety and external emergency studies. In fact, being able to predict how fast the pressure will rise under 

a given fire load and to quantify the energy content of the vessel at the moment of failure would represent 

a valuable advantage for those involved in the emergency response and management (e.g. fire fighters 

and authorities).  

With the aim of overcoming the above limitations, a novel research program was proposed. This 

combines a fire tests campaign, carried out by means of an innovative experimental apparatus, and a 

modelling approach based on CFD. The project involves several international institutions. The modelling 

activity is the main subject of the present PhD work (under the supervision of professor V. Cozzani) and 

will be extensively described in this thesis. On the other hand, the experimental campaign (tests were 

performed at the Federal Institute for Materials Research and Testing in Berlin, Germany) represents the 

core of the PhD work carried out by Ian Bradley, from the of University of Edinburgh (Scotland). The 

entire research project is supervised by professor A. M. Birk, from the Queenõs University (Kingston, 

Canada). 

The present work is divided in three sections as described in the following. 

Section 1  

This section presents the state of the art in the field of pressure vessels exposed to fire. The first Chapter 

gives an overview of the main experimental works carried out starting from the second half of the last 

century. Due to their particular significance and data completeness, some of them are described in detail. 

These represent the reference data sets for the assessment of the prediction capability of the CFD based 

models presented in the last section of this thesis.  

In Chapter 2, a review of the of the modelling approaches proposed over the years is presented, in order 

to show the improvements introduced in this field and highlight the critical issues requiring further 

investigation 

Section 2 

This section is devoted to the description of the experimental activity carried out at the Federal Institute 

for Materials Research and Testing (BAM) of Berlin (Germany). 

The experiments involve a 1/3 real scale transportation tank, instrumented with 105 thermocouples. 

These are positioned to accurately capture liquid stratification, boundary layer thickness, wall and lading 

temperatures. The tank is cut in two parts, hold together by two flanges. A glass window is put between 



7 
 

the flanges. One end of the tank is filled by the operating fluid and engulfed in fire. The other one hosts 

video recording instrumentation. Instrumentation for Particle Image Velocimetry (PIV) is also present in 

order to characterize the flow inside the vessel. Data collected in the experiments represents a rich set of 

information for the validation of the modelling work.  

A detailed description of the experimental apparatus and the analysis of the test results are extensively 

described in the PhD thesis of Ian Bradley, from the of University of Edinburg (Scotland). 

Section 3 

This section represents the core of the PhD research work: the CFD modelling of pressure vessels 

exposed to fire.  

Chapter 4 focuses on the LPG tanks. Starting from previous approaches presented in literature by 

different authors, an improved CFD modelling setup was developed. This was used to simulate the 

condition of several fire tests involving LPG tanks exposed to full engulfing hydrocarbon pool fires. In 

addition, a forest fire scenario was also considered. The calculated results were compared with 

experimental measurements in terms of temperature profiles and pressurization rate to assess the model 

capability. Strengths and limitations of the modelling setup are analyzed in detail. 

In Chapter 5, the same modelling approach (with minor modifications) was used to simulate the response 

of water tanks exposed to fire. Modelling results are compared with experimental measurements collected 

during the fire tests described in Chapter 3 and other data available in literature. Again, advantages and 

shortcomings of the CFD model are discussed. 

In the last part of Chapter 5, an alternative approach is presented, based on models developed for the 

study of subcooled boiling flows that showed promising results in the nuclear industry. The aim is to 

explore the possibility of extending this approach to the case of vessels exposed to fire. The results 

presented in this part represent a preliminary assessment of this modelling setup. 
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 Section 1 ð State of the art 
The phenomena occurring when a tank experiences fire exposure are complex and interactive. From a 

qualitative point of view, they have been described by several authors [3][8][9]. Heat is transferred from 

the fire to the tank by means of a combination of thermal convection and radiation. The relative 

contribution of this two heat transfer mechanisms depends on the exposure modes (full/engulfment or 

distant fire) and the fire characteristics. In a hydrocarbon pool fire, for instance, the heat is mainly 

transferred by radiation (this represents about the 80 % of the total heat flux from the fire to the tank 

[10]). The opposite is true in case of jet-fire, where the high momentum of the flame promotes convective 

heat transfer. In cases where the flames are not in contact with the tank wall, it receives only thermal 

radiation from the fire, with the convective contribution being negative due to the cooling effect of the 

surrounding air. 

Regardless of the external mechanism, heat is transferred through the tank wall (and insulation if present) 

by means of conduction. Then, the inner surface temperature starts rising and the fluid content in the 

proximity of the wall begins to warm. This determines the formation of thermal gradients that are the 

driving force for free-convection flows. Therefore, the liquid (and the vapor in the ullage) near the wall 

starts moving upwards. This phenomenon affects a layer whose thickness depends on the thermal 

properties of the fluid. In this way, heat is continuously removed from the wall. Due to the low value of 

the heat transfer coefficient and the heat capacity, the wall portion in contact with the vapor space gets 

very hot. This results in a severe weakening of the steel that can lead to failure at pressures well below 

the design pressure of the tank. Below the liquid-vapor interface, the wall is kept cold by the liquid. In 

fact, depending on the saturation temperature of the liquid, the heat transfer mechanism can be either 

just single phase convection or a combination of convection and boiling. In both cases, the heat transfer 

coefficient is much higher than in the vapor space. The warm liquid leaving the wall reaches the liquid-

vapor interface and then falls back towards the liquid bulk. This determines the establishment of a vertical 

temperature gradient in the liquid: the temperature increases with the vertical coordinate. Such 

phenomenon is called thermal stratification. For substances stored at saturation condition, such as LPG, 

it is the temperature of the liquid surface (hotter than the liquid bulk) that drives the tank pressure. 

With the aim of characterizing the above-mentioned phenomena from a quantitative point of view, 

several large and laboratory scale fire tests were carried out over the years. In parallel, a series of models 

has been developed by different authors to predict the vessel response to fire exposure. 

The next paragraph presents an overview of the main experimental works carried out starting 1964. Due 

to their significance and data completeness, some of them are described in detail. Then, a review of the 

of the modelling approaches proposed over the years is presented, in order to show the improvements 

introduced in this field and highlight the critical issues requiring further investigation. 
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Chapter 1  Fire tests of LPG tanks 

The increasing interest in the field of fire safety of storage and transportation tanks is testified by the 

large number (considering their high costs) of fire tests on vessel of various scales carried out in the last 

decades. Table 1 provides a list of the main experimental works directly related to reproduce fire scenarios 

involving LPG tanks1 starting from 1964. It has been obtained considering the literature review carried 

out by Moodie and co-workers  in 1988 [11] and those published by Leslie and Birk in 1991 [3] and Birk 

in 2006 [12]. Studies carried out later than 2015 were also included. 

The tests carried out over the years have illustrated the behavior of the tank lading subjected to an intense 

heat load due to fire attack. In this way, the influence of the physical phenomena described in the 

introduction of this section was analyzed in detail. 

Due to the good quality and quantity of data collected during the experiments, some of the fire tests 

reported in Table 1 are described more in detail. They represent a valuable resource to assist the 

development of models aimed at predicting the vessel response to fire exposure. Data from these tests 

are will be used to assess the prediction capability of the CFD based models presented in Section 3. 

 

 

 

  

                                                 
 

1 Some of the works presented in Table 1 considered other substances (mainly water), but their aim was 

to acquire knowledge of fire scenarios involving vessels devoted to LPG transportation and storage. 
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Table 1: List of the main fire tests involving LPG tanks from 1964 to date 

ID  Date author/institution/sponsor 
Tank 

size/scale 
Tank content Performed tests Reference 

1 1964 Bray and co-workers 5 ton Water Water spray protection test. Kerosene fire [13] 

2 1973 AAR-RPI 1:5 scale LPG/water 

7 tests:  
- 2 with water (to evaluate test procedures no useful 
data)  
- 2 tests with uninsulated tank - 3 tests with 3 
different types of insulation 

[14] 

3 1973 US DOT FRA 
64 ton  
(full scale) 

LPG 
2 tests:  
tank with and without insulation 

[15][16] 

4 1980 
Appleyard/Transport 
Canada 

1:5 scale LPG/water 

6 tests:  
- 2 with unprotected tanks  
- 4 with 3 different configurations of thermal 
insulation 

[17] 

5 1981-1982 HSE/Shell 0.25 -1 ton LPG 
5 tests:  
- 2 with 0.25 ton tanks 
- 3 with 1 ton tanks 

[4] 

6 1983 HSE - LPG 
3 tests (tanks not taken to rupture):  
- 1 without insulation  
- 2 with insulation  

[18] 

7 1984 BAM 2.5 ton LPG 
3 tests taken to tank destruction: 
- 1 without insulation  
- 2 with insulation  

[19] 

8 1985 Birk and co-workers 0.5 m3 Water 
Test conducted to study the thermal load induced by 
PRV flare 

[20] 

9 1985 HSE 0.25 ton LPG 
7 tests, total engulfment, water spry protection 
system 

[21] 

10 1983-1986 Venart and co-workers 40 l 
Freon 
11/Freon 12 

Extensive laboratory tests involving a 40 liters 
cylindrical vessel electrically heated. The vessel was 
fitted with was fitted with observation windows at 
both ends and contained Freon 11 or Freon 12 to 
simulate the. It was extensively instrumented  

[22] 

11 1985-1986 HSE/Shell/Cowley 5 ton LPG 5 tests with total engulfment in a kerosene pool fire [23] 
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ID  Date author/institution/sponsor 
Tank 

size/scale 
Tank content Performed tests Reference 

12 1988 BAM 4.85 m3 LPG 
15 tests with 2 different water spray systems to test 
their effectiveness 

[24] 

13 1993 Faucher and co-workers 2.6 m3 LPG 
2 tests with tanks exposed to full engulfing pool fire. 
Mineral cement was applied as thermal protection 

[25] 

14 2001 Persaud and co-workers 4.0 m3 LPG 
4 tests consider different filling degrees. Tank 
exposed to partial engulfment 

[26] 

15 2006 Birk and co-workers 1.8 m3 LPG Test on 1.8 m3 LPG tanks to 25 % fire engulfment [27] 

16 2006 Birk and co-workers 1.9 m3 LPG 
Test on a 1.9 m3 LPG tank with defective insulation 
(partial engulfment) 

[28] 

17 2006 Birk and co-workers 1.8 m3 LPG 
Test on 1.8 m3 LPG tanks to study the transition 
from non-BLEVE to BLEVE 

[29] 

18 2009 Landucci and co-workers 3 m3 LPG 
2 tests with LPG tanks protected with intumescing 
materials exposed to full engulfing pool fire 

[30] 

19 2013 Heymes and co-workers 2.3 m3 LPG/Water Series of tests simulating a forest fire scenario [31][32] 

20 2015 FRA/BAM 2.4 m3 

Water and 
Water/Sodium 
Hydroxide 
mixture 

Series of fire tests on 1/3 linear scale US DOT 11 
tank car containing water and a mixture of water and 
Sodium Hydroxide. Different filling level were 
tested. Protected and unprotected tank were used 

[10] 

AAR: Association of American Railroads 
HSE: Health and Safety Executive (UK) 
BAM: Federal Institute for Materials Research and Testing (Germany) 
FRA: Federal Railroad Administration (US) 
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1.1 US DOT FRA (1974) 

The two tests2, carried out in 1974 by the U.S. Department of Transportation Federal Railroad 

Administration (FRA) [15][16] can be considered as a milestone in the research of fire response of LPG 

vessels. They involved two full scale railroad tank cars (18.3 m long and 3.05 m in diameter) positioned 

in a large excavation (45.7 x 30.5 m) filled with JP-4 jet fuel to simulate a total engulfing pool fire scenario 

(the test layout is depicted in Figure 1).  

 

Figure 1: Test layout (original picture from [16]). 

One of the vessels was insulated with a spray-on thermal protective coating. The tanks were filled with 

LPG, the composition of which is reported in Table 2  

Table 2: Composition of the LPG mixture used in the tests3 [16]. 

Component Propane Ethane Normal-Butane Iso-Butane 

Percentage 97.96 % 1.96 % 0.07 % 0.01 % 

 

Both tanks were instrumented with pressure transducers, liquid level monitors, devices to measure the 

lift of the PRV. The PRV opening pressure was set to 18.2 bar. Furthermore, numerous thermocouples 

(Chromel-Alumel) were installed in different positions in order to characterize in detail the thermal 

response of the tank. In particular, two stations were devoted to the measurement of the inner wall and 

lading temperature. Here, the thermocouples were positioned on a grid according to the scheme depicted 

in Figure 2, where the green dots indicate the thermocouples in contact with the wall. Additional 

thermocouples were positioned onto the external wall. Finally, ten fire thermocouples were installed to 

register fire temperatures. Four at each measurement station (at the top, the bottom and both sides of 

                                                 
 

2 These tests are usually also referred to as Townsendõs tests, after one of the authors of the experimental reports 
3 The composition reported in the table was obtained via chemical analysis of the LPG mixture using in the uninsulated tank 
test. No analysis was carried out for the LPG used in the insulated tank. 
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each station) and two at the center of the elliptical ends of the vessel. A 4-inch (10 for the end 

thermocouples) gap was left between the fire thermocouples and the wall. 

 

 

Figure 2: Lading thermocouples positions scheme. 

The test with the uninsulated tank had an approximate duration of 25 min, after which the tank failed 

catastrophically at a pressure of about 24 bar. The relief valve opened after 132 s at a pressure of and 

cycled (i.e. closed and opened again) a few times before remaining open until the end of the test (Figure 

3).  

 

Figure 3: Pressurization registered during the test involving the uninsulated tank. 
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Temperature data is shown in detail in Chapter 4, since they are adopted to validate the CFD model. 

The fire load on the tank was not uniform, with the rear part experiencing a more severe fire as shown 

in Figure 4. Before the PRV opening (this is the period of time considered in the CFD modelling work 

presented in Chapter 4) the fire temperature was around 2000 °F (1366 °C) for the rear section and 1700 

°F (927 °C) for the front one, with an average of 1850 °F (1010 °C). 

 

Figure 4: Fire temperatures for the uninsulated tank test (original picture from [16]). 
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1.2 Moodie and co-workers tests 

The data set generated during an experimental campaign carried out by the HSE [4][23] is one of the 

most complete among the experimental works listed in Table 1. The fire tests investigated the response 

of LPG tanks of different sizes and filling degrees in a fully engulfing pool fire scenario. In particular, 

three series of test were carried out involving 0.25 ton, 1 ton and 5 ton tanks (corresponding to a volume 

of about 0.5, 2.3 and 10.3 m3 respectively). For the first two cases, temperature was measured at the 

external wall by eight thermocouples positioned according to the scheme in Figure 5a.  

 

Figure 5: Thermocouple positioning scheme for the Moodieõs tests involving the 0.25 and 1 ton tanks (a) (original picture 
from  [4]) ant the 5 ton tank (b) (original picture from [23]) 

Three lading thermocouples (B, M and T in Figure 5a) were positioned vertically at the centerline of the 

tank at different heights. The biggest tank was more extensively instrumented with 55 thermocouples on 

the wall (both on the internal and external surface), in the vapor and in liquid space. A scheme indicating 

thermocouple positioning for this case is depicted in Figure 5b. Part of them was mounted at progressive 

distances from the wall (1, 5 and 10 mm in the radial direction from the inner wall) with the aim of 

capturing the thermal boundary layer. The tanks were equipped with PRVs with a set pressure of 14.3 

bar. For all of them, a pressure transducer measured internal pressure. 

a)

b)
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A firebrick made bund was built and filled with kerosene to reproduce the pool fire scenario. This was 

characterized by fire thermocouples installed around the tank and, for the 5 ton tank test series, by three 

water calorimeters. 

Table 3 presents the list of the fire tests carried out, the size of the tanks involved, the filling degree and 

the initial pressure. 

Table 3: List of the fire tests a carried out by the HSE and presented in [4][23]. 

Tank capacity Tank diameter Tank length Filling level 
Initial tank 

pressure (bar) 

¼ ton 0.51 m 2.26 m 40 % 6.6 

1 ton 1.00 m 2.9 m 

20 % 5.5 

40 % 5.3 

80 % 7.1 

5 ton 1.70 m 4.88 m 

22 % 5.5 

36 % 5.2 

38 %* 5.6 

58 % 5.5 

72 % 5.8 

*Test was aborted to instrumentation problems. Only limited data is available for this test. 

 

Figure 6 shows the pressure curves obtained in the different tests. It can be seen that the filling degree 

appears to have a negligible effect on tank pressurization. This aspect and other results related to this test 

will be analyzed in detail in Chapter 4. 

 

Figure 6: Pressure curves obtained in the fire tests involving the 0.25 and the 1 ton tank (a) and the 5 ton tank (b). 

  

5

7

9

11

13

15

17

19

0 200 400 600 800 1000 1200

P
re

s
s
u

re
 (

b
a

r)

Time (s)

5 ton - 72 % 5 ton - 58 %

5 ton - 36 % 5 ton - 22 %

5

7

9

11

13

15

17

19

0 150 300 450 600

P
re

s
s
u

re
 (

b
a

r)

Time (s)

1 ton - 20 % 1 ton - 40 %

1 ton - 80 % 0.25 ton - 80 %

a) b)



17 

1.3 Heymes and co-workers tests 

In 2013, Heymes and coworkers [32] carried out an experimental campaign aimed at characterizing the 

thermal response of a 2.3 m3 cylindrical LPG tank to forest fire exposure.  

Setting as reference a 100 m wide by 40 m high fire front with an average emissive power of 90 kW/m2, 

they considered two different real scenarios as reported in Table 1. In the first one, the LPG tank is 

positioned at 50 m from the fire front. In the second one, this distance is 28 m.  

Due to difficulties (cost, safety and environmental concerns) in reproducing such scenarios in real scale, 

the authors performed a scale down of the problem. A simple homothetic transformation of the fire was 

not appropriate (i.e. scaling the problem geometry by maintaining the same ratio among all the 

dimensions: height/length of the fire front and tank-fire distance). In fact, since the tank was not scaled 

simultaneously, such transformation would have changed all angles of the rays exchanged between the 

þre and the tank. The authors demonstrated that, at a scale suitable for experiments, this change 

determines a strong mismatch between the real and the scaled scenario in terms of two key parameters: 

the maximum incident heat flux and the total incident thermal power reaching the tank. Therefore, they 

carried out a large set of calculations aimed at finding the values of fire front dimensions and tank distance 

(changing the ratio among these dimensions) that provided the best possible agreement between real and 

experimental scale scenarios with respect to the above-mentioned parameters. The results of these 

calculations led to the definition of the most appropriate experimental geometric configurations 

corresponding to the real scale scenarios. The features of the test scale fires are reported in Table 4. An 

overview of the scaling procedure can be found in Appendix A, whereas further details are presented in 

the original publication [31]. 

Table 4: Definition of forest fire scenarios considered in the present study. Real scale indicates a fire scenario of actual 
dimensions reproduced in the small scale apparatus throuhg the similarity analysis shown in [31]. 

Parameter 
Scenario 1 Scenario 2 

Real 
scale 

Experimental 
scale* 

Real 
scale 

Experimental 
scale 

Flame height (m) 40 3 40 3 

Fire front length (m) 100 8 100 8 

Tank distance (m) 50 3.8 28 2.8 

Average emissive power 
(kW/m2) 

90 90 68 68 

Maximum incident radiation 
(kW/m2) 

24 26 41 42 

Total incident thermal power 
(kW) 

84 80 133 130 

* Test adopted to obtain data for the validation of CFD model in Chapter 3 

The forest fire scenario was reproduced by means of a 3 x 8 m steel wall equipped with a burners system 

consisting of five 50 mm pipes. Holes were drilled along the pipes in order to allow the outflow of the 

natural gas used to feed the fire. Figure 7a shows the position of the fire wall and the tank.  
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Figure 7: Experimental apparatus configuration. a) The steel wall to reproduce the fire scenatio is visible on the right; the 
tank is on the left. b) sketch of the thermocouples positioning in the lading (filled dots) and on the tank wall (empty dots). 

The main test instrumentation consisted of: 

- 23 type K thermocouples welded on the external wall of the tank aimed at measuring the 

external wall temperature; 

- 8 type K thermocouples positioned inside the tank, along the vertical axis at the tank center 

aimed at measuring the lading temperature; 

- 1 pressure gauge aimed at measuring the internal pressure in the vapor space; 

- 2 radiative heat flux meters located at the points of maximum incident radiation, based on 

preliminary evaluations (see [32] for more details) 

Figure 7b shows a sketch of the thermocouple positioning on the external wall (empty circles) and along 

a vertical at the center of the vessel (dots). 

The LPG tank, with a nominal capacity of 2.30 m3, was made of carbon steel (A48P1) with a minimum 

wall thickness of 6.1mm, diameter of 1.0m and total length of 2.6m. The tank was equipped with a 

pressure release valve (PRV) with a set point pressure of 19.6 barg.  

Ǧ Ǧ= 0Á

a)

b)
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1.4 FRA tests 

In the summer 2015, Birk and coworkers[10] carried out a series of fire tests on 1/3 linear scale US DOT 

11 tank cars (Figure 8a). The aim was to provide data for the validation of computer programs for the 

prediction of the response of vessels to fire exposure. The experiments took place at the Federal Institute 

for Materials Research and Testing (BAM), Berlin Germany.  

The tank was fully engulfed in a fire (Figure 8b) generated by liquid propane fueled burners. This 

arrangement was designed to reproduce a hydrocarbon pool-fire scenario with a total heat flux to a cool 

surface of approximately 100 kW/m2. 

 

Figure 8: Picture of one of the tanks ready for testing (a) and during fire engulfment (b) ð original pictures from [10]. 

The tanks were made of carbon steel with a total volume of 2.4 m3 (outer diameter: 91.5 mm, total length: 

3600 mm; wall thickness: 3.1 mm). Water was used as test fluid. Table 5 reports a list of the five tests 

described in [10] . The first four tests in the list were carried out with a filling degree of 98 %, whereas in 

the last one, the tank was only 50 % filled with water. In the first test, the vessel was exposed to fire 

without any protection. In the second one, a 3 mm steel jacket surrounded the tank, with a 102 mm gap 

between the wall and the jacket. In the last four tests, this gap was filled with a fiberglass blanket. This 

insulation material was rated to a relatively low temperature (250 °C) and, during the fire exposure, it 

experienced strong degradation. This, according to the authors of the paper [10], led to a loss of insulating 

performance. 

Table 5: List of tests reported in [10]. 

Label 
Filling  
degree 

Insulation 

98%_Bare 98 % Absent 

98%_J 98 % Only steel jacket 

98%_Ins_a 98 % Insulant + steel jacket 

98%_Ins_b 98 % Insulant + steel jacket 

50%_Ins 50 % Insulant + steel jacket 

The tanks were instrumented with wall and lading thermocouples, pressure transducers and directional 

flame thermometers to measure fire conditions. 

a) b)



20 

Figure 9 shows the pressurization curves obtained in the five tests listed in Table 5. The pressure rise in 

the unprotected tank was fast and led to the vessel rupture in about 120 s. The presence of the steel jacket 

(test 98%_J) delayed the beginning of the pressurization, but did not significantly affect the slope of the 

pressure curve. The insulated tanks pressurized in a similar way, showing no influence of the filling 

degree. 

 

Figure 9: Pressurization curves obtained in the five tests listed in Table 5. 

Quite clearly, the highest peak wall temperature (Figure 10) was registered in the test involving the 

unprotected tank, followed by the test where only the steel jacket was surrounding the vessel. Looking at 

the results from the other tests, it can be noted how a higher peak temperature was registered for the 

case 50%_Ins case. This is most probably due to the cooling effect provided by the liquid in the cases 

with the higher filling degree. However, this becomes visible only after about 500 s. 

 

Figure 10: Wall peak temperature measured during the tests listed in Table 5. 

Results from the lading thermocouples (not showed here) suggest the formation of a very thin boundary 

layer in which subcooled boiling was occurring. In fact, thermocouples positioned in the liquid bulk 

indicated that this was much colder than the saturation temperature.  
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Chapter 2  Modelling pressurized tanks 

exposed to fire 

In parallel with the numerous experimental works described in Chapter 1, many authors dedicated their 

research to the development of models for the prediction of the response of a vessel to fire exposure. 

Over the years more and more complex models were proposed. Early approaches were based on the 

partition of the problem domain in control volumes (or zones) and the solution of integral mass and heat 

balance equations for each of these volumes. Attempts to improve such models were done by increasing 

the number of partitions and using more accurate correlations for the description of the physical 

phenomena taken into account. However, empirical correlations were usually considered. Therefore, the 

use of such kind of models is limited by the range of applicability of these correlations. Furthermore, 

most of them fail in reproducing aspects indicated as crucial by the analysis of experimental results.  

More recently, different authors started to consider the use of CFD codes as a promising tool to 

overcome the inherent limitations of zone models. However, work done using this approach is still 

limited. 

The next paragraphs present a review of the most important models developed over the last thirty years, 

highlighting strengths and limitations. 

2.1 Zone models 

Models based on the partition of a problem domain in control volumes (or zones) and the solution of 

integral mass and heat balance equations for each of these volumes are called zone models. 

To the authorõs knowledge, the first zone model developed to predict the response of a vessel exposed 

to fire is CALSPAN [33], presented in 1973. The model considers a two-dimensional vertical section of 

a horizontal cylindrical tank. The domain is divided into several elements. The liquid and the vapor share 

the same temperature. The pressure of the tank is assumed to be the saturation pressure at this 

temperature (later versions of this model allowed the prediction of vapor superheating). The heat transfer 

coefficient at the liquid wetted wall varies with temperature and pressure. On the other hand, the heat 

transfer coefficient at the vapor wetted wall is constant. The model can take into account the presence 

of thermal insulation and of one or more pressure relief valves. As pointed out by Birk in his PhD thesis 

[34], CALSPAN predictions are not in good agreement with fire test results. He pointed out that this is 

mainly due to the fact that the model neglects important nonðequilibrium effects in the liquid phase 

observed in the experiments. 

The same limitation is found in AFFTAC. This computer program was originally developed by Johnson 

in 1984, under funding from the United States Federal Railroad Administration [35][36]. AFFTAC is 

currently adopted by the North American Standard for modelling hazardous materials tanks exposed to 

fire. The model assumes that vapor and liquid are in equilibrium conditions, neglecting the influence of 

thermal stratification. 

Already in 1983, Birk (in his in his PhD thesis [34]) proposed a model aimed at improving the description 

of the thermos-fluid-dynamic behavior of the liquid phase. This is implemented in the computer code 

òTCTCMó, published in 1988 [37]. In this model, the liquid space is divided into two nodes as depicted 

in Figure 11: the liquid boundary (i.e. a warm liquid region close to the wall due to buoyancy effects) and 

the liquid core. 
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Figure 11: Domain discretization in the code òTCTCMó 

The vapor space is again represented by a single node and is considered to be in thermodynamic 

equilibrium. In the liquid boundary the temperature rise is fast whereas the liquid core remains in 

subcooled conditions. In fact, the vapor pressure in this region is lower than the tank pressure. However, 

after the venting starts, the liquid core gradually reaches equilibrium with the other two regions. Mass 

and energy transfer are allowed between the vapor space and the liquid boundary and between the liquid 

boundary and the liquid core. The model relies on two empirical constants, tuned on a set of fire tests. 

These are the liquid boundary thickness and the energy partition factor determining which portion of the 

heat from the fire enters the liquid boundary and the vapor space. Further details on this model can be 

found in [37]. Similar approaches have been followed by Yu and co-workers in 1992 [38] and Gong and 

co-workers in 2004 [39]. 

In the same decade, another model was proposed by Hunt and Ramskill in 1985 [40]. It was implemented 

in a computer code (written in Fortran 77) named òENGULFó. According to the authors, the code can 

run considering any tank material and lading. The tank is represented as a cuboid as showed in Figure 12.  

 

Figure 12: Domain discretization in the code òENGULFó - original picture from [40]. 

The problem domain is partitioned in subdomains, called nodes. The lading is divided in two nodes: the 

liquid space (node 1 in Figure 12) and the vapor space (node 2). The wall is considered to be formed by 

three concentric layers, each of which is further divided in two nodes, according the position of the 

vapor-liquid interface. Nodes 4, 6 and 8 refer to the portion of the wall layers above the liquid level; 

Liquid core

Liquid boundary

Vapor space
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nodes 3, 5 and 7 to the part below it. Furthermore, four surfaces are identified: the external surfaces of 

the tank above and below the liquid-vapor interface (letters D and C in Figure 12 respectively) and the 

wall portion in contact with the vapor and the liquid space. (letters B and A respectively). The code 

calculates the temperatures for each one of the eight nodes and the four surfaces. 

Heat is transferred from the fire to the external wall surface by radiation and throughout the wall by 

conduction in the lading. A conductive heat exchange term between the upper and the lower part of each 

wall layer is also included. From the tank shell, the heat is transferred to the lading. The wall portion in 

contact with the vapor (surface B) heats up the vapor space by convection and radiation. The convective 

heat transfer coefficient is obtained from empirical correlations for natural convection. The radiative heat 

flux is calculated according to the Stefan-Boltzmann law. Part of this is absorbed by the vapor and the 

other passes to the liquid. The liquid wetted wall (surface A) heats up the liquid space by single phase 

natural convection, nucleate boiling or film boiling according to the degree of wall superheating. In the 

first and second case, an empirical correlation for natural convection and the equation proposed by 

Rohsenow [41] are used respectively. If the critical heat flux is reached (calculated according to the 

equation proposed by Zuber, [42]), then a specific correlation for hydrocarbon film boiling [40] is used. 

Finally, the heat flux through the liquid-vapor interface is considered according to be given by an 

empirical correlation for natural convection on a flat surface.  

Given the initial temperature (at the beginning of the simulation, the tank is considered to be at the 

saturation pressure calculated at this temperature), the internal energy of the vapor space is calculated 

assuming the ideal gas hypothesis to be valid. When the simulation starts, the internal energy (and 

therefore the temperature) of the vapor is updated according to the net heat flux entering the vapor space. 

The pressure of the tank is then calculated using the ideal gas law and knowing the volume of the ullage. 

The obtained value is compared with the pressure release valve (PRV) set-point and, if this is lower than 

the tank pressure, a mass (only vapor) discharge is assumed to have occurred during the whole time-step. 

The mass flowrate is calculated according the equations for sonic or subsonic flow through a hole 

presented in [40]. If venting occurs, the internal energy of the vapor space is decreased considering an 

additional term in the heat balance and the temperature (of the vapor node) and pressure are recalculated 

assuming that the volume of the ullage has not changed during the time-step. 

When mass is vented from the PRV, the vapor expansion may cause the tank pressure to become lower 

than the saturation pressure calculated at the liquid temperature. If this happens, the code lets a fraction 

of the liquid space to evaporate. The amount of evaporated mass is calculated such that the liquid 

temperature decreases up to the boiling temperature evaluated at the pressure of the tank. If at the end 

of the time-step the criteria for evaporation is verified, evaporation is considered to have occurred during 

the whole time-step. The same is true for PRV venting. 

From the previous description, it appears that the model suffers several limitations. First of all, the 

phenomenon of thermal stratification is not considered. Furthermore, before the PRV opening, boiling 

is not considered, and the tank pressure is calculated using the ideal gas law, neglecting the influence of 

the liquid phase.  

In 1988 , one of the authors of òENGULFó developed an updated version of the code named òENGULF 

IIó [43]. The main improvements implemented can be summarized in the following list: 

- The tank geometry was assumed to be cylindrical in order to avoid the problems related to the 

cuboid shape considered in the previous code 

- The equation describing the heat flux from the fire were modified so that jet-fire or radiation 

from a distant fire could be also simulated 
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- Furthermore, in order to be able to consider partial engulfment, the number of partition of the 

problem domain was increased 

- An option for including thermal protection systems was included 

- A tank failure prediction method based on the hoop stress calculation was implemented 

As can be noted, the improvements mainly aimed at widening the number of scenarios that can be 

simulated. However, none of the critical aspects highlighted above were addressed. 

An attempt to improve the physical bases of the model was done by Beynon and co-workers in 1988 

[44], with the development of HEATUP. As in the òENGULFó code, the lading of the tank is divided 

in two nodes: one for the liquid space and the other for the vapor space. However, the way the pressure 

is calculated is completely different. In fact, the tank is considered to be at the saturation pressure 

evaluated at the temperature of the liquid (the same approach was used by Salzano and co-workers in 

2003 [45]). The density of the liquid phase is calculated as a function of the liquid temperature, while the 

ideal gas law is considered to be valid for the vapor. The evaporation rate is calculated so that the sum of 

the mass of each phase fulfils the mass balance and the sum of the volume of each phase equals the total 

volume of the tank. Other details on the model, such as the equations for heat transfer coefficient and 

PRV discharge rate calculation, can be found in Beynon [44]. 

The way the model was setup makes it unable to predict stratification. Furthermore, the formation of the 

free-convective layer developing near the wall is not taken into consideration. Such limitations in the 

physical description of the problem make this model unreliable in the prediction of tank response in 

situations falling out of its validation range. 

With the aim of improving the description of the behavior of the liquid phase, some authors proposed 

new and more complex ways of partitioning the problem domain. Aydemir and co-workers [8] developed 

a computer code, named òPLGS-1ó, in which four different regions are identified in the liquid space (see 

Figure 13).  

 

Figure 13: Domain discretization in the code òPLGS-Ió - original picture from [8]. 
 

These consist of a bulk liquid region at the bottom of the tank, a stratified layer below the liquid-vapor 

interface and two free-convective boiling boundary layer zones. Due to their limited size, these two zones 
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are considered to have no mass. The tank pressure is assumed equal to the saturation pressure calculated 

at the temperature of the stratified layer. This is heated by the warm liquid coming from the boundary 

layers. Their extension goes from the liquid surface up to the angle Ǧ0 in Figure 13. This identifies the 

beginning of a region of instability at the bottom of the tank, from which the liquid bulk zone is heated. 

Other heat fluxes to this zone are the condensation occurring at the edges of the boiling boundaries and 

the conduction from the stratified layer. As in the case of the òENGULFó code, different modes of heat 

transfer from the wall to the liquid are considered, depending on the degree of superheating. The vapor 

space is heated by free conduction and thermal radiation coming from the vapor-wetted wall. Part of the 

radiation is not absorbed by the vapor and hits the liquid surface. Further details on the model equations 

are reported in [8]. 

A few years later, in 1990, Dancer and Sallet [46] proposed a computer code named òTAC7ó, based on 

an even more complex discretization of the tank domain (see Figure 14). A total of 40 elements are 

identified, equally divided between the liquid and the vapor space. The pressure of the tank is the 

saturation pressure evaluated at the temperature of the liquid element right below the liquid-vapor 

interface (labelled as CLm in Figure 14). Further details on this model can be found in [46]. 

 

Figure 14 Domain discretization in the code òTAC7ó - original picture from [46]. 

Despite the efforts to improve zone models, such as the increase in the number of zones and the 

application of more and more sophisticated correlation, they still suffer several limitations. The 

assumptions at the base of these models appear to be quite simplistic compared to the complexity of the 

physical phenomena occurring outside and inside a vessel under fire exposure. Therefore, researchers 

abandoned the zone (or lumped) model approach, deciding to follow the idea of solving the equations 

for mass, momentum and energy conservation in their local form rather than the integral one. Of course, 

this allows a more accurate analysis. However, it increases the computational cost and, as it will be 

extensively discussed in this thesis, introduces the need for specific sub-models to describe the physical 

phenomena at local scale. In other words, this new approach moves the key points of modelling towards 

more fundamental aspects. 
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2.2 Beyond zone models: CFD based approaches 

In 1990, the authors of the òPLGS-1ó code published a paper [47] in which they argue that, even though 

zone models are able to accurately describe some of the phenomena occurring when a tank is exposed 

to fire (such as the heat exchange between the fire and the tank wall), they fail in simulating other key 

aspects. In particular, they refer to the free convection flows and heat transfer mechanisms between the 

tank wall and the lading. Their criticism arises from the fact that the extension of the zones as well as the 

interactions among them cannot be accurately defined. For this reason, if the scenario simulated deviates 

from the experimental conditions used for the model set-up, the predictions would be incorrect. This is 

true for any of the models presented above.  

In order to overcome this limitation, they decided to follow a distributed approach (developing a new 

code named òPLGS-2ó). Local conservation equations of mass, momentum and energy are solved 

throughout the vapor and the liquid regions. The computational domain is discretized using the finite 

volume method and the governing equations are solved following the SIMPLEC procedure. The pressure 

of the tank is calculated as the saturation pressure corresponding to the average liquid interface 

temperature. The following simplifying assumption, introduced to reduce the complexity of the problem: 

- two-dimensional problem  

- interface is assumed to be waveless and static 

- Boussinesq approximation for the free convection governing equations is assumed to be valid 

- effective viscosity is assumed constant throughout the solution domain and the turbulent Prandtl 

number is taken as unity.  

- boiling at the tank walls is not considered 

- fire size and fire properties are uniform 

From the first two assumptions, it follows that òPLGS-2ó cannot be used to predict the tank behavior 

after the PRV starts venting. Therefore, only the initial part of a fire scenario can be simulated. 

The model capabilities were tested by simulating the experimental conditions of the 72 % filling level fire 

test reported in [23] and presented Chapter 1. The comparison between predictions and field 

measurement showed an excellent agreement with respect to the first PRV opening time. A good match 

was obtained for the liquid temperature in the first part the test (after 180s the liquid temperature 

predicted by model started deviating from the measurements, especially near the liquid-vapor interface). 

Temperatures in the vapor space as well as vapor-wetted wall temperatures were over-predicted with 

respect to those recorded during the tests. According to the authors, these discrepancies could be 

attributable to fire variations during the test. After validation, the model was used to study the effect of 

the tank size on pressurization rate and thermal stratification. Finally, the following recommendations 

for improvements were highlighted: 

- development of a 3D model to simulate localized fire impingement 

- consideration of alternative turbulence models 

- inclusion of mass transfer at the liquid interface and  

- inclusion of the effects of boiling. 
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The work presented in [47] can be considered as the first attempt to use a CFD based model to simulate 

the response of a LPG vessels to fire exposure. More recently, the increase of computational power and 

the development of commercial CFD software encouraged various authors to follow similar approaches. 

Among them, in 2004, Yoon and Birk [48] used ANSYS Fluent to perform a 3D simulation of a LPG 

tank under fire attack. The Volume Of Fluid (VOF) was chosen as the multiphase model. Trials were 

conducted considering both laminar and turbulent flow (using the standard k-ǣ model) for comparison. 

No boiling sub-model was considered. The aim of the work was to study the pressurization rate for a 

range of defect configurations in the thermal insulation. The filling level considered was always 97 %. 

They defined a parameter (ß, normalized according to a base case) related to the average temperature of 

the liquid surface and drew conclusions based on the assumption that the pressure of the tank is dictated 

by the saturation pressure corresponding to this temperature. They also compared the model predictions 

(only in terms of liquid temperatures and before the PRV opening) with the experimental measurements 

reported in [15][16], showing that they are in reasonable agreement and concluding that the turbulence 

model provides better results.  

In 2011, Bi and co-workers [49] carried out a similar work, again considering the VOF multiphase model 

with the RNG k-ǣ turbulence model. Again, no boiling sub-model is implemented. Apart from that, 

description of the model set up is poor. It is not clear how the pressure inside the tank is calculated. Most 

probably it comes from the integration of the equation of state (not specified) over the volume occupied 

by the vapor. If this interpretation was correct, the pressurization predicted by the model would be almost 

independent from the liquid behavior. This would be against any experimental evidence. If, on the 

contrary, the correct interpretation was that the tank is at the saturation pressure corresponding the 

liquid-vapor interface temperature, the model would not represent any improvement with respect to that 

presented in [48]. 

A similar model was used by Ren et al. to study thermal de-stratification [50], however this assumed 

laminar flow. 

Ten years later, DõAulisa and co-workers [51] proposed a two dimensional model, again following the 

VOF approach combined with the k-ǣ turbulence model and scalable wall function for the near wall 

treatment. The laminar case and the use of the standard wall function were also investigated. A significant 

difference between theirs and the previously mentioned works, was the inclusion of the mass transfer 

between the liquid and vapor phase using a model based on the Hertz-Knudsen equation (see Chapter 4 

for details). Results were provided in terms of pressurization curve, temperature maps and velocity vector 

plots (see Figure 15). The USDOT-FRA test [15][16] on the uninsulated 64 ton tank was simulated to 

assess the capability of the model. Constant heat ÿux was imposed on the vessel wall in contact with the 

liquid, whereas radiative heat from a source at constant temperature was applied on the vessel wall in 

contact with the vapor. 

The first PRV opening time is accurately predicted. However, the dynamic of the pressure rise in the tank 

was not well reproduced. In their conclusions, the authors stressed the importance of the effect of liquid 

thermal stratification on the tank pressure. The same model was used by Landucci and co-workers in 

2016 [52] to extend the analysis to a wider range of tank sizes and shapes. 
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Figure 15: Example of temperature maps and velocity vector plots obtained in a LPG tank exposed to fire obtained by 
DõAulisa and co-workers [51] (original picture from [51]). 

At the moment, according to the authorõs knowledge, the model proposed by DõAulisa [51] and co-

workers represents the most advanced approach to the simulations of LPG tank exposed to fire. 

However, it still suffers from some limitations. The definition of two different boundary conditions for 

the wall in contact with the liquid and the vapor is a model limitation in terms of stability and accuracy 

of the model. Furthermore, as will be showed later, the use of wall functions developed for conditions 

of forced convection is not appropriate in cases where the flow is driven by natural convection. 

2.3 Concluding remarks on currently available models 

In the previous paragraphs it has been emphasized how, despite the improvements proposed by several 

authors, currently available models for the prediction of vessel response to fire exposure still suffer 

important limitations. This is particularly true for the so called zone models, based on the partition of the 

problem domain in control volumes (or zones) and the solution of integral mass and heat balance 

equations for each of these volumes. In fact, such models are tuned on specific experimental data sets 

and are not reliable outside their validation range. More recently, some authors have indicated CFD as a 

promising tool to improve modelling capabilities. However, work done using this approach is still limited.  

In this thesis, a new CFD model was set up in order to overcome the above-mentioned limitations. Its 

prediction capabilities are tested comparing simulations results with experimental measurements form 

numerous fire tests. 
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 Section 2 ð Experimental tests 
This section presents an overview of the experimental apparatus and the analysis of the more relevant 

results collected during the fire tests carried out in 2016 and 2017 at the Federal Institute for Materials 

Research and Testing (BAM) of Berlin (Germany). These formed an integral part of the PhD research 

program. 

The detailed description of the experimental apparatus and the analysis of the test results are extensively 

described in the PhD thesis of Ian Bradley, from the of University of Edinburgh (Scotland). 
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Chapter 3  Experimental campaign 

Since the early sixties, numerous field studies and laboratory scale tests were carried out on pressurized 

tanks (see Chapter 1) in order to simulate fire impingement conditions. This improved knowledge of the 

physical phenomena characterizing such scenario and provided important information for the safer 

design and management of vessels devoted to storage and transportation of hazardous materials.  

Although significant steps have been taken towards a better understanding of tanks response to fire 

exposure, some of the most important processes related to the inner fluid behavior are still not well 

characterized. In particular, velocity fields, temperature distribution and boundary layer formation were 

never the object of detailed investigation, as documented in the literature review shown in Chapter 1. 

These aspects are critical for the development and validation of advanced modelling tools, such as 

computational fluid dynamic (CFD), aimed at predicting vessel pressurization rate, time to failure and to 

support detailed safety and external emergency studies.  

Therefore, in order to overcome the limitations of previous experimental approaches, an innovative fire 

test set-up was built for characterization of the key aspects mentioned above. The experimental apparatus 

was designed by a PhD student (Ian Bradley) from the University of Edinburgh (Scotland) [53] and 

consists of a 1/3 real scale transportation tank, extensively instrumented with thermocouples, pressure 

transducers, and video recording devices. Moreover, instrumentation for Particle Image Velocimetry 

(PIV) measurements was also set up. The tests were performed at the BAM technical safety test site [54], 

in the state of Brandenburg, Germany. One of the main advantages of this facility is the large degree of 

flexibility, both in the size of objects it can test and the fire configurations that can be developed.  

The fire conditions, heated area, test fluid and filling degree can be varied among tests in order to 

investigate the influence of these parameters on the thermal and velocity profile in the tank lading. Initial 

tests were carried out using water and ethanol as test fluids. Minor modifications to the experimental 

apparatus will allow, in the near future, to adopt liquid butane as the test fluid. 

In this Chapter, the main characteristics of the experimental set up are described. Furthermore, the most 

relevant results obtained during fire tests using water and ethanol, in terms of pressurization curves and 

temperature profiles, are presented4 and discussed. These represent a rich set of information for the 

validation of the modelling work (see Chapter 5). Preliminary results of PIV are also shown. 

Finally, limitation and suggestion of improvements to take into account in the planning of future tests 

are pointed out.  

 

 

  

                                                 
 

4 The detailed description of the experimental apparatus and the analysis of the test results are extensively described in the 

PhD thesis of Ian Bradley, from the of University of Edinburgh (Scotland). 
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3.1 The experimental apparatus 

3.1.1 The test tank 

The apparatus consists of a 1.016 m outer diameter carbon steel vessel with a total volume of 2.6 m3 (see 

Figure 16a) [53]. The ends of the tank are 2:1 semi-elliptical heads and the vessel wall thickness 7.4 mm. 

The tank was designed so that it can be opened in two parts: the òtest endó, with a volume of 1.9 m3, and 

the òcamera endó, with a volume of 0.7 m3. The two ends are separated by a sheet of 19 mm toughened 

low-iron glass. This is held in place between two flanges (as shown in Figure 16b), using a solid-state 

gasket to allow pressurization of the vessel up to 5 bar (tests reaching higher pressures have not been 

performed yet). 

  

Figure 16: Picture of the tank used for the fire tests. Closed tank before glass window was put in place (a) and opened 
tank with the glass window in place (b). 

During the experiments, the test end is engulfed in fire generated through a low speed burner array, 

fueled by liquid propane to reproduce an engulfing pool fire scenario. This end is instrumented with wall 

and lading thermocouples and pressure transducers. A custom-built pressure compensation system is 

implemented to equalize the pressure in the two ends, in order to preserve the integrity of the glass 

window during pressurization and depressurization. The test end has manual and remotely operated vent 

valves. A schematic diagram of the equipment is shown in Figure 17. A differential pressure transducer 

òTest endó

òCamera endó

Glass window

a)

b)
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compares the pressure in the test and the camera ends. When the pressure in the test hand increases, the 

system opens a valve connected to a compressed air tank to compensate this increment. Likewise, when 

the test end is vented, the venting valve connected to the camera end is opened as well.  

 

Figure 17: A schematic representation of the experimental apparatus (original Picture from [53]). 

3.1.2 The fire setup 

The fire was generated through a low speed burners array, fueled by liquid propane (see Figure 18). Work 

was undertaken to characterize the fire throughout the commissioning tests using directional flame 

thermometers, a water-cooled calorimeter and infra-red thermography.  

 

Figure 18: Fire setup of the first (a) and the second (b) test series. 

In the first series of tests the burners, consisting of 56 nozzles, were positioned at the bottom of the tank 

as shown in (Figure 18a). The fuel flow rate was 133 g per nozzle per minute corresponding to a total 

flow rate of 450 kg/h. The fire setup was changed for the second series of tests. Here, two arrays with 5 

nozzles each were positioned parallel to the tank at a distance of around 2 m from the tank wall (Figure 

18b). More severe fire conditions were achieved using a flow rates varying between 1000 and 1200 kg/h 

(see Table 7). 

a) b)
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3.1.3 Thermocouple positioning 

The thermocouples inside the tank are positioned at various distances from the wall and distributed on 

several measurement lines as showed in Figure 19. Most of the thermocouples are hold in place by 

(yellow) steel strips departing from the tank center (Figure 19a and b). 

 

Figure 19: Thermocouple positions in the test end: pictures taken inside the test end: yellow stripes holding the 
thermocouples (a) and zoom in the near wall region (b); schematic representation of the thermocouple positioning (c).  

Station A Station B

BA

Symble Thickness Wall distance(mm)

1
in the wall

(only for test series2)

1 in contact

1 3

1 6

1 11

1 20

1 2

1 4

1 7

1 11

1.5 30, 50, 100, 200, 300 

a) b)

c)



34 

Figure 19c reports a detailed representation of the thermocouple positions. There are two measurement 

stations, A and B, at 1 and 0.5 m from the glass respectively. Each of them consists of several steel stripes 

departing radially from the center of the tank. An angular distance of 22.5° is present between two 

adjacent stripes. Type K thermocouples were used. Those indicated by black circles in Figure 19c have a 

thickness of 1.5 mm, while the others are 1 mm thick. Most thermocouples are in the proximity of the 

wall (see Figure 19c), in order to characterize the thermal boundary layer and thermal stratification of the 

liquid phase. Thermocouples indicated with a red void circle are in contact with the wall (e.g. the first 

thermocouple on the right in Figure 19b). After the first series of tests, in order to obtain better 

measurements of the wall temperatures, small holes were drilled in the tank shell and 1 mm 

thermocouples were put directly inside these holes. These are indicated by red full circles in Figure 19c. 

Furthermore, measurements station B was removed in this test series. Directional flame thermometers 

are installed on the external wall to measure fire conditions.  

3.1.4 The camera end 

Cameras positioned in the camera end record the behavior of the fluid in the test end. They provide 

visual information about both the boiling occurring close to the wall and the flow field. An example of 

what can be observed by the cameras is the picture in Figure 20, showing the tank partially filled with 

water. The cameras can zoom in and out in. Adequate lighting was provided by a set of four LEDs 

pushed directly against the glass in order to limit reflection. 

 

Figure 20: Picture taken from the camera end looking through the glass. The liquid surface is clearly visible. 
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3.1.5 PIV setup 

In the second series of fire tests, a PIV apparatus was setup with the aim of capturing the flow field inside 

the tank. Figure 21 shows a schematic representation of the PIV setup.  

 

Figure 21: Overview of the PIV instrumentation setup. 

A 2 W class 4 green laser (Model MGL-F-532-2W) was hosted in the camera end. Two cylindrical lenses 

were positioned in front of it. In this way, the laser beam is transformed to a sheet that passes thorough 

the wall. The laser sheet is deviated parallel to the glass by a mirror fixed at the tank wall in the test end 

at about 80 cm from the glass and inclined by 45°. The water in the test end is seeded with silver coated 

hollow ceramic microspheres having an average size of 80 Ǫm and a density close to that of water. 

Pictures are captured by two cameras: 

- FLIR Flea3 FL3-U3-20E4M-C, 2 MP, 59 fps, 1600 x 1200 resolution 

- FLIR Flea3 FL3-U3-32S2M-CS 3.2 MP, 60 fps, 2080 x 1552 resolution 

During each test, several sequences of images were generated, at different times after fire ignition. Within 

a sequence, images were captured with a frequency of 10 Hz.  The size of the interrogation area varied 

from test to test. 
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3.2 Test list 

The apparatus setup started in May 2016 and preliminary tests (not presented here) were performed in 

order get familiarity with the experimental environment. Apart from these, two series of tests were 

performed. Test series I and II, summarized in Table 6 and Table 7 respectively. The first one, consisting 

of the 12, was carried out between August and September 2016. The 10 tests relative to series II were 

performed during May 2017. 

Table 6: Summary of test series I. 

TEST DATE 
TEST 

FLUID 
FILL 

Radiation shield 

in place 

Test duration 

(min) 
NOTES 

1 31.8.16 Water 95% NO - New LEDs installed 

2 31.8.16 Water 95% NO -   

3 01.9.16 Water 92% YES -   

4 01.9.16 Water 92% YES - Repeat of Test 3 

5 20.9.16 Water 95% YES 8 

First test with both 

DAQ systems 

functional 

6 26.9.16 Water 75% YES 12  

7 26.9.16 Water 50% YES 12  

8 27.9.16 Water 50% YES 9 Small leak 

9 27.9.16 Ethanol 50% YES 6 Small leak 

10 28.9.16 Ethanol 50% NO 4   

11 29.9.16 Ethanol 50% NO 3 Repeat of Test 10 

12 30.9.16 Ethanol 50% YES 9 Repeat of Test 9 

 

The first five tests of series I were carried out in order to achieve the desired fire conditions, check the 

instrumentation and define test procedure. Measurements recorded during these tests were not analyzed 

in detail. On the other hand, tests from 5 and 12 represent the first source of valuable data. 

In all the 12 tests, only a fraction of the tank surface was exposed to fire as depicted in Figure 22. The 

test end was coated with insulation, except for a 1 m wide patch. With the only exception of tests 10 and 

11, the upper part of the tank (corresponding to the vapor space) was covered by ana steel sheet. This 

created a radiation shield with the aim of limiting the steel temperature and delay the thermal weakening 

of the wall region in contact with the vapor space. This allowed tests of longer duration and preserved 

the integrity of the apparatus. 

For the first eight tests, the tank was filled with water, with different filling percentage (50 %, 75 % and 

95 %). Commercial ethanol was used in the last four tests.  
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Figure 22: Picture of the experimental apparatus. The black patch corresponds to the bare tank wall. The aluminum 
sheet is visible on top of the tank. 

In test series II, the attention focused at collecting data for Particle Image Velocimetry (PIV) analysis. In 

all the tests the vent valve of the test end was left open so that the tank did not pressurize. This choice 

was made in order to preserve the laser. PIV measurements under pressure will be the object of future 

experiments.  

Table 7: Summary of test series II. 

TEST R DATE  
FUEL FLOW 

RATE (kg/h) 
FILL 

PIV DATA SUITABLE 

FOR ANALYSIS 
NOTES 

13 11.5.17 1000 72% No  

14 11.5.17 1000 72% No  

15 15.5.17  1200 72% Fly 1  

16 15.5.17  1000 72% Fly 1 & 2  

17 17.5.17  1000 60%  Poor fire engulfment 

18 17.5.17  1200 60% Fly 1 
Water re-used ð poor 

clarity 

19 17.5.17  1200 96% Fly 1 & 2  

20 17.5.17  1000 96%  
Alternated LEDs and 

laser 

21 18.5.17  1200 62%   

22 19.5.17  1200 96% Fly 1 Water degassed 
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3.3 Test results 

In this section, the main results are presented and briefly discussed. The aim is to provide an overview 

the typology of data that the experimental apparatus can provide and highlight the main findings.  

Some of the data will be used for comparison with the results obtained in Chapter 5, where the modelling 

of water tanks exposed to fire is addressed. 

3.3.1 Pressure data 

Figure 23 shows the pressure curves from water (5 to 8) and ethanol (9 to 12) tests.  

 

Figure 23: Pressure curves for water (a) and ethanol (b) tests. 

Considering the water tests (Figure 23a), the pressure rise was faster in the case with the higher filling 

degree (95 %). On the other hand, results relative the other three tests are very similar to one another, 

showing no influence of the filling level on the pressurization. The large difference between Test 5 and 

the other water tests has two explanations: it takes very short time for the small amount of gas in this test 

to get hot and, therefore, start pressurizing the tank. At the same time, the amount of vapor moles added 

to the ullage due to bubble forming in the liquid has a stronger effect when the gas space volume is 

smaller. 

From the comparison between of Test 7 (and 8) and Test 9, it can be noted how the pressurization rate 

obtained in the case involving ethanol (Figure 23b) is higher. This due to the higher volatility of this 

alcohol with respect to water. The difference between Test 9 and Test 12 is due to the fact that, at the 

beginning of the latter test, the tank and its contents had not completely cooled down after a previous 

test. 

As expected, the pressure built up faster when the radiation shield was removed (Test 10 and 11). It is 

interesting to note how, in these two cases, the pressure curves are very close to each other, proving that 

the experimental apparatus ensure a good data repeatability. 
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3.3.2 Temperature data 

As highlighted in the analysis of previous fire tests found in literature (see Chapter 1), tank pressurization 

is strongly affected by the free convective layer that develops close to the wall. Therefore, the detailed 

characterization of the fluid behavior in the near wall region was among the key objectives of the entire 

experimental campaign. Figure 24 shows the wall temperature as a function of time measured during Test 

22 by the thermocouples positioned into the wall. It is interesting to note how, after a short time from 

the fire ignition, the temperature of most of the wall stabilized close to the saturation temperature of 

water at atmospheric pressure (100 °C). This clearly indicates that boiling was occurring at the wall.  

The lower temperature registered by thermocouples T 49, T 101 and T 102 was most probably due to 

not perfect engulfment in the bottom right side of the tank. 

 

Figure 24: Wall temperatures as a function of time for Test 22. 

In order to provide experimental evidence of the thermal boundary layer, Figure 25 shows the 

temperature profile on the section at 135° from the vertical line. The data is plotted as a function of the 

wall distance, at different intervals of times from fire ignition. The temperature drops quickly within the 

first 2-3 mm. The thermal gradient in the radial direction is steep and confined to very small region close 

to the wall. Moving further towards the center of the tank, the temperature variation (in space) becomes 

negligible. Figure 26 shows how the bulk temperature rise was very slow. On the contrary, in the near 

wall region, the temperature increased quickly (and almost linearly) for the first 50 s. Then, boiling started, 

keeping the wall at a temperature slightly above 100 °C. This behavior was captured by the thermocouple 

positioned into the wall, which registered a small degree of superheating (around 5 °C), and is typical of 

asubcooled boiling regime. On the other hand, the thermocouple just touching the wall registered a value 

which is a sort of average between the steel and the liquid bulk temperatures. This is due to the fact that 

the thermocouple diameter (1 mm) was comparable with the thickness of the thermal boundary layer (2-

3 mm).  
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It is interesting to note how the noise visible in the temperature curves decreases moving from the wall 

to the liquid bulk. This is explained by considering the instability in the flow field due to periodic creation 

and destruction of small eddies. Far from the wall, where the liquid is almost motionless, the temperature 

curve (green curve) is smooth. 

 

Figure 25: Temperature profile as a function of wall distance on the section at 135° from the vertical for Test 22 at 
different intervals of time.  

 

Figure 26: Temperature profile as a function of time on the section at 135° from the vertical for Test 22 at different wall 
distances. The red line represent thermocouple in the wall. The blue one refers to the thermocouple touching the wall. 
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The pressure increase determines an increase in the saturation temperature. Therefore, in those tests 

where tank was allowed to pressurize (all the tests in series I), the temperature at the wall did not remain 

constant, but followed the saturation temperature corresponding to the pressure of the tank. This is 

clearly visible in Figure 27a and b, relative to Test 5 (water, 95 % filling) and Test 12 (Ethanol, 55 % 

filling). The plots compare the saturation temperature (red curve) evaluated at the tank pressure, with 

measurements from thermocouples in contact with the wall5. Once the wall is hot enough to determine 

the onset of boiling, the temperature curve slope suddenly changes. From this point on, the temperature 

rise is dictated by the increase of the saturation temperature. The same behavior was observed in all the 

tests of series I. 

 

Figure 27: Temperature profiles as a function of time relative different thermocouples touching the wall for Test 5 (a) and 
Test 12 (b). The saturation temperature T*(P) corresponding to the pressure in the tank is indicated by the red line. 

 

 

  

                                                 
 

5 In series I there was no thermocouple positioned in holes drilled into the wall 
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Another important aspect captured during the experiment is the phenomenon of thermal stratification. 

The warm liquid rising parallel to the wall region accumulates close to the free-surface, determining a 

vertical thermal gradient. This is clearly visible in Figure 28 that considers data relative to the 

thermocouples positioned along the vertical centerline for Test 5 (95 % filling) and Test 8 (50 % filling). 

 

Figure 28: Temperature as a function of time on the vertical center-line for Test 5 (a) and Test 8 (b). Temperature 
profiles along the vertical center-line as a function of the vertical coordinate at different instants of time for Test 5 (a) and 

Test 8 (b).  

The temperature rise is almost linear for all the thermocouples. The thermal gradient is steeper near the 

liquid surface (Figure 28c) and increases with time. At the bottom of the tank, the flow is unstable 

generating the noisy temperature signal of thermocouples T 40 and T 41 in Figure 28b.  
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3.3.3 PIV results 

In this section, the results relative to the PIV analysis of the data collected during Test 22 are reported. 

This was carried out using a software developed by DANTEC DYNAMIC. The interrogation area was 

set at 16 x 16 pixels with a 50% overlap resulting in 7326 vectors for each image. Each image was 591 

mm wide and 440 mm high. 

Figure 29 shows the vector velocity plots for Test 22 at different instants of time after fire ignition. The 

plots were obtained from the average of the instantaneous velocity values over 1 s from the time indicated 

in each panel (e.g. panel (a) refers to the average velocity plot between 101 and 102 s after fire ignition). 

It shall be noted that it took several seconds for the fire to develop and fully engulf the tank.  

 

Figure 29: Vector velocity plots for Test 22 after 101 s (a), 67 s (b) and 139 s (c) from the fire ignition. 

In the early moments of the test, the water motion is very slow and chaotic, with a null average velocity. 

This is clearly visible in Figure 29b. As the liquid near the wall starts heating, a free convective layer forms 

(Figure 29a). Here, the vectors run parallel to the wall. However, the flow is unstable. Eddies form 

periodically and depart towards the tank center. The flow in the bulk remains chaotic. The thickness of 

a) 101 s
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c) 139 sb) 67 s
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the free convective layer appears to increase with time, as can be seen comparing Figure 29a and Figure 

29c. 

Figure 30 reports the profiles of the vertical component of the velocity at different instants of time along 

the lines highlighted in Figure 29a.  

 

Figure 30: Vertical velocity as a function of the wall distance at different instants of time along the lines highlighted in 
Figure 29a. 

In all three panels it is possible to recognize the behavior described above. The vertical velocity after 67 

s is close to zero everywhere. The free convective layer visible after 101 and 139 s is confined within the 

first 10 cm from the wall, with maximum velocity close to 0.05 m/s. Going towards the center of the 

tank, the profiles flatten, oscillating in the range of ± 0.01 m/s.  
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Unfortunately, data are not available for the first 2-3 cm from the wall. In this region, the light scattering 

due to wall reflection compromises the quality of the images. This phenomenon is clearly visible in Figure 

31. 

 

Figure 31: Picture captured during Test 22 for PIV analysis. The light reflection at the wall is well visible and gets wider 
with time. 

As can be seen from the comparison of Figure 31a and b, the area affected by light scattering increases 

with the time. Furthermore, the image contrast decreases and the particles become less visible. This 

compromise the accuracy of the PIV analysis  

Due to the lack of data in the first few centimeters from the wall, a proper characterization of the velocity 

field in the free convective layer could not be achieved. In future tests, this problem could be avoided by 

using fluorescent particles to shift the light wavelength, combined with camera filters. 

  

b) 172 sa) 101 s
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3.3.4 Calculation of the net evaporation rate 

When a tank is exposed to fire, the pressure build-up can be thought of as the consequence of two 

synergic phenomena. On one hand, there is the temperature rise of the gas phase, which can be 

considered as confined in a (almost) constant volume. On the other, the evaporation of the liquid 

increases the number of moles of the gas phase itself. In order to better understand the vessel response 

to fire attack and to provide valuable data to support modelling, it is useful to find a way to measure the 

contribution of each of one of these phenomena.  

Figure 32 represents a schematization of the cylindrical tank used during the fire tests presented above. 

The shaded region refers to the volume occupied by water (in this case, this represent the 50 % of the 

total volume). 

 

Figure 32: Schematic representation of the tank used in the fire tests. 

Considering the ideal gas law and assuming that the pressure is the same everywhere in the volume under 

analysis (this is certainly a valid assumption in a tank exposed to fire before PRV opening), the pressure 

in the volume (V ) can be expressed as according to Eq. 3.1. 
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For a transient problem, Eq. 3.1 can be re-written yielding Eq. 3.2. This expresses in a mathematical form 

what has been mentioned above: the pressure inside a vessel exposed to fire increases due to the 

temperature rise and the increase of the number of moles in the gas phase.  
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At this point, it is possible to define a òno-boilingó pressure pNB according to Eq. 3.3. This coincides with 

the pressure in the volume V  when the number of moles remains constant. Therefore, pNB represents the 

contribution of the heat entering the vapor space. On the other hand, subtracting pNB to the pressure (p) 

measured during fire tests, it is possible to quantify the effect of boiling, represented by the pressure pB 

(Eq. 3.4).  
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(Eq. 3.3) 

ὴ ὸ  ὴὸ  ὴ ὸ (Eq. 3.4) 

The problem with this approach is that, in order to calculate pNB (and therefore pB), it is necessary to know 

the temperature distribution over the entire volume of the vapor space. Unfortunately, despite the 

numerous thermocouples installed inside the vessel, it is not possible to obtain a detailed temperature 

field that can be used to obtain the pressure pNB from Eq. 3.3. 

A solution to this problem can be found from the observation of the results obtained in CFD simulation 

of a 50 % full of water tank exposed to fire (details on this simulation will be given in Chapter 5). As an 

example, Figure 33 shows the temperature contour plot after 180 s of simulation.  

 

Figure 33: Temperature contour plot after 180 s of simulation for a tank 50 % full of water engulfed in fire (50%_100 
kW/m2 case defined in Chapter 5). 

It is possible to note how the vapor space (the upper half of the tank, above the white dotted line) is 

thermally stratified. The temperature variation in the vertical direction is well visible. On the other hand, 

the horizontal component of the temperature gradient is very low in most of the gas domain (excluding 

the near wall region). The same result has been found in other simulations that will be presented in 
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Section 3, regardless of the filling degree, the heat flux and the fluid contained in the tank (and even when 

the fire condition is not symmetric with respect to the vertical center-line of the tank). 

If the result obtained using the CFD model was correct, it would allow the temperature distribution to 

be expressed as a function of the time and the y-coordinate only. 

Data from thermocouples placed along the vertical center-line of the tank are available from tests. As an 

example, Figure 34 shows the temperature profiles in the gas space as a function of the distance from the 

tank center at different instants of time for Test 7 (water, 50 % filling). Note that the first thermocouple 

(Y = 0) is just above the liquid surface (i.e. it is not wetted by the water) and the last one (Y = 0.508 m) 

touches the steel wall. 

 

Figure 34: the temperature profiles in the gas space as a function of the distance from the tank center at different instants 
of time for Test 7 

The profiles in Figure 34 are regular, showing that the gas phase is strongly stratified. Regardless of the 

time considered, the temperature always increases with the y-coordinate. The same behavior was 

registered in for all the tests listed in Table 6. This qualitatively confirms what observed in the CFD 

temperature contour plot (Figure 33).  

At this point, data from thermocouples on other measurement sections have to be considered. 

Measurement sections with at an angle of 22.5° and 45° with respect to the horizontal center-line are 

taken into account and, for each of them, thermocouples positioned at 100, 200 and 300 mm from the 

tank wall are selected. Data from these thermocouples are compared with the vertical temperature 

profiles. As an example, Figure 35 shows the results of this comparison at 200, 400, 600 and 800 s for 

Test 7. Both the blue (section at 22.5°) and the black (section at 45°) circles fall close to the red dotted 

line, representing the linear interpolation between the temperature registered by two adjacent 

thermocouples on the vertical line. This result suggests that, at least in this case, the hypothesis that the 

temperature in the vapor space is uniform in the horizontal direction represents an acceptable 

approximation. In order to assess if this assumption is generally valid, the comparison showed in Figure 

35 has to be repeated for all the tests under analysis, considering not just four instants of time, but the 

entire duration of these tests. It is clear that a direct comparison would be unfeasible.  

y

y = 0.5

y= 0
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Figure 35: Comparison among the thermocouples in the vertical measurement section (red circles) and those positioned at 
an angle of 22.5° (blue circles) and 45° (black circles) with respect to the horizontal center-line at different instants of 

time, for Test 7 

In 1991 Hanna and coworkers [55] proposed a method able to provide information on the predictive 

performance of a model when the modelling results have to be compared with numerous experimental 

data. This method is based on the calculation of the geometric mean bias MG (Eq. .35) and the geometric 

variance VG (Eq. 3.6) of the measured and predicted values (the over-bars indicate that an average is 

performed over all the six thermocouples considered and over the entire duration of the fire test).  
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a) 200 s b) 400 s

c) 600 s d) 800 s
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Good model performance is achieved when both MG and VG are close to unity. For a systematic 

performance assessment, VG values may be plotted versus the corresponding MG values for each data 

set and may be compared to the reference parabola (in log-log coordinate) described by Eq. 3.7. As 

pointed out by Landucci and co-workers [56] Eq. 3.5 and 3.6 represents the correlation among VG and 

MG values in a model having only a mean bias with respect to experimental data (that is, a model in 

which the ratio Texp/ Tmod is nearly constant), but showing no systematic deviations. Thus, models having 

a good performance and showing no systematic deviations are characterized by VG values that fall on or 

above the correlation curve given by Eq. 3.7 .  

In the case considered here, the analysis was carried out on the temperature registered by the 

thermocouples positioned on the sections at 22.5° and 45° (i.e. the blue and black circles in Figure 35). 

For each of these thermocouples, the estimated temperature (Tmod) is calculated by linear interpolation of 

the vertical temperature profile obtained from the thermocouples positioned in the vertical measurement 

section. On the other hand, the experimental values (Texp) refers to the temperatures actually measured. 

Figure 36 shows an example of measured and modelled temperature, indicated by circles and squares 

respectively. 

 

Figure 36: Comparison between values obtained for Tmod (squares) and experimental temperature Texp (cirles) for Test 7 
after 600 s. The vertical temperature profile is reported as reference. 

The analysis described above was carried out considering the tests from 7 to 12 in Table 6. These are all 

the tests of Series I in which the gas space occupied half of the tank volume. However, in the cases where 

the tank was filled with ethanol (tests from 9 to 12) the thermocouple at the center of the vessel was 

slightly below the liquid surface. As a consequence, it measured a lower temperature with respect to the 

water cases, providing data that could not be used in this analysis. Therefore, it was decided to replace it 

with values estimated by linear extrapolation from the temperatures measured by the two thermocouples 

positioned at 200 and 300 mm above the liquid-vapor interface. Looking at the thermal profiles showed 

in Figure 34, it can be concluded that this approach is reasonable. 
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The results of the analysis are reported in Figure 37. For all the cases, the value of MG and VG are close 

to unity. Furthermore, all the points fall above (and in the proximity of) the reference curve. Less accurate 

estimations were obtained for the water cases (Test 7 and Test 8). 

 

Figure 37: Results of the analysis proposed by Hanna and coauthors [55] on tests from 7 to 12. 

The analysis carried out provided convincing evidences supporting the hypothesis that the temperature 

in the vapor space is uniform in the horizontal direction. This allows the temperature dependence to be 

eliminated from the x and z coordinates. Therefore, considering also the geometry of the problem 

depicted in Figure 32 (i.e. recognizing that dV=Ǣ(y) L dy), Eq. 3.3 can be rearranged yielding Eq. 3.8.  
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At the same time, manipulating Eq. 3.4, it is possible to calculate the number of moles evaporated nEV  as 

e function of time (Eq. 3.9). 

At this point it is possible to calculate the pressure pNB to analyze the contribution that the increase of 

the vapor temperature has on the tank pressurization. Figure 38 compares the measured pressure (red 

curves) with the pressure pNB (blue curves) for the tests from 7 to 12.  
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Figure 38: Comparison between the measured pressure P (red curves) with the pressure PNB (blue curves) for the tests from 
7 to 12.  
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Considering the cases in which the tank was filled with water (Figure 38a and b), the two curves are 

almost coincident for the first 600 s, indicating that the effect of boiling on the pressure build up is 

negligible. At this point, in Test 7, the slope of the blue curve starts decreasing (this is due to the fact that 

the heat flux to the vapor space becomes lower and lower as the temperature increase) and seems to start 

tending to a constant value. On the other hand, the pressure in the tank keeps rising at a rate which is 

almost constant. This means that the contribution of boiling becomes important and capable of 

compensating the decrease of the pressure pNB. Unfortunately, this behavior cannot be observed in Test 

8 because this was ended exactly after 600 s. It must be noted that the delay with which the boiling effect 

becomes visible was most probably increased by the fact that, in these tests (all the tests of Series I) 

almost half of the test end was protected by insulation. Therefore, in the first part of the tests, part of the 

vapor formed in the portion directly exposed to fire was condensing along the cold part of the wall. 

Analyzing the tests involving ethanol and, in particular, considering the cases where the upper part of the 

tank was covered by the radiation shield (Tests 9 and 12), it can be noted how the blue curve follow the 

same behavior observed in Test 7. After a short time after the fire ignition, it starts following an almost 

linear dynamic. Then, around 500 s, its slope decreases. In contrast with the water cases, the measured 

pressure and the pNB start diverging since the beginning of the tests. This can be explained considering 

the higher volatility of ethanol with respect to water. 

The results for the tests where the radiation shield was removed (Test 10 and 11) feature a different and 

unexpected behavior. This may be due to the fact that, in both cases, it took a while for the fire to proper 

develop and fully engulf the tank. For this reason, the results related to these tests are not further analyzed.  

At this point, using Eq. 3.9, the number of evaporated moles are calculated. It must be taken in mind 

that the aim of this analysis is to provide an estimation of the evaporation rate, useful to be compared 

with the results obtained with the CFD models presented in the next section (Section 3). 

Figure 39 shows the number of evaporated moles obtained for the water tests (Test 7 and 8). 

 

Figure 39: Number of evaporated moles as a function of time for Test 7 and 8, calculated using Eq. 3.9.  
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The red curve, relative to Test 7, shows that the number of moles in the gas space remains constant for 

the first 500 s. Then, due to evaporation, it starts increasing at constant rate of around 0.034 mol/s. The 

strange behavior showed by the blue curve (Test 8) is due to the fact that Eq. 3.9 is very sensitive to 

pressure changes. In practice, the number of moles in the gas space can be considered constant for this 

case. 

Figure 40 shows the results relative to the ethanol tests (only Test 9 and 12 are considered here). For the 

first 250 s, the two curves are almost coincident. Then, the curve relative to Test 12 (blue) starts rising 

slightly faster than the other one. In the last part of Test 12, the slope of the curve increases again. In 

both cases, the number of evaporated moles is higher with respect to the water tests analyzed above. 

Unfortunately, in contrast with Test 7, it is not possible to obtain a unique value for the evaporation 

flowrate. For what concerns Tests 12, this is around 0.015 mol/s for the first 500 s, increasing up to 

around 0.044 mol/s in the last part. Finally, a net evaporation rate of around 0.027 mol/s is observed in 

the last 300 s of Test 9. 

 

Figure 40: Number of evaporated moles as a function of time for Test 9 and 12, calculated using Eq. 3.9. 
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3.4 Concluding remarks related to the experimental activity 

The results presented in this chapter show that the experimental apparatus represents a source of valuable 

data both for an increased understanding of the vessel response to fire exposure and for the development 

of predictive models.  

Important information was gained about the thermal boundary layer thickness. The phenomenon of 

thermal stratification has been observed both in the liquid and the vapor space. The experimental results, 

in terms of pressurization rate and temperature profiles are repeatable. Furthermore, they are consistent 

throughout the test series. This is especially due to the preliminary fire characterization activity, that 

allowed to achieve very similar fire conditions from test to test. However, it must be pointed out that in 

some tests the fire had some difficulty in developing fully and that, due to the presence of wind, a good 

and symmetric engulfment was not achieved. In future tests, particular attention shall be given to these 

aspects, in order to always ensure stable and repeatable fire conditions. 

For what concerns the drawback of the experimental activity, it is important to point out how the short 

duration of the tests did not allow for a good characterization of the pressurization. The estimation of 

the evaporation rate, as well as the CFD study presented in Chapter 5, show that the pressure build-up 

is not driven by boiling in the first minutes of the test.  

Another important point is the fact that, in test series I, only a portion of the tank was directly engulfed 

in fire (as showed in Figure 18a). For this reason, while boiling was occurring in the region under fire 

attack, part of the vapor produced was condensing along the cold wall in the not engulfed part. This has 

a strong influence on the pressurization rate, reducing the contribution of evaporation on the pressure 

build up. Furthermore, from the point of view of modelling, this makes the experimental results hardly 

(if not impossible) to reproduce using the 2D assumption. Moreover, the presence of the radiation shield 

(with the only exception of Test 10 and 11) complicates the task of defining a boundary condition that 

properly describe the actual heat load to the tank wall. Unfortunately, in test series II, carried out using 

mode severe fire conditions and fully engulfing the tank (with no radiation shield), no test was performed 

in which the tank was allowed to pressurize (the PRV was left open). For this reason, pressurization data 

with more appropriate fire conditions was not collected. Therefore, in order to obtain pressurization 

curves representative of a real fire scenario, tests of longer duration (at least 15 min) than those of series 

I and with fire conditions and exposure modes considered for series II must be carried out. 

For what concerns the investigation of the velocity field, the results obtained through PIV analysis shall 

be considered suitable only for preliminary considerations. The lack of data in the first few centimeters 

from the wall did not allow for a proper characterization of the free convective layer. Therefore, the use 

fluorescent particles to shift light wavelength, combined with camera filters is recommended for future 

tests. This appears to be a suitable solution to avoid the strong light reflection at the wall.  

Finally, it shall be considered that the flexibility offered by the test facility and the apparatus itself, in 

terms of generating different fire scenario, exposure modes, testing different thermal protection systems 

(both presenting defects or not) as well as the possibility of performing tests using liquid butane have not 

been fully exploited yet and may constitute relevant elements of improvement.  
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 Section 3 ð Modelling 
This section deals with the CFD modelling of the thermal and fluid-dynamic response of vessels exposed 

to fire. Provided the appropriate boundary and initial conditions, the CFD software solves the governing 

equations for mass, momentum and energy throughout the problem domain. As explained in the next 

paragraphs, two additional equations for the conservation of the turbulence kinetic energy and dissipation 

rate are also included. In the present work, all the simulations were carried out considering a 2D vertical 

(and perpendicular to the axial direction ð see Figure 43a) section of cylindrical tank positioned 

horizontally. This choice saves computational time, however, it limits the analysis to those cases where 

the fire load can be considered approximately uniform along the axis of the tank. This assumption is valid 

for full engulfing pool fires. On the contrary, it is not applicable when only part of the tank is exposed 

to fire attack. This is the case, for instance, in jet-fire scenarios. Furthermore, the 2D assumption excludes 

the possibility of reproducing what happens in the vessel after the PRV opens. Therefore, in all the 

simulations, only the period going from the fire ignition to the first PRV opening was considered. 

In the first part of this section (Chapter 4), fire scenarios involving LPG tanks are considered. Together 

with other liquefied gases (such as propylene, butadiene, LNG etc.) LPG has a strategic importance in 

the process industry. At the same time, past accident analysis has showed how the transportation and 

storage of such materials represent a critical safety issue. Growing concerns in this field are testified by 

the numerous studies presented in Section 1. Therefore, it is clear that the characterization of accidental 

scenarios involving LPG (as well as similar compounds) tanks is of utmost importance. Besides, as 

discussed in Chapter 1, there are several experiments on different scales which may support validation of 

the CFD modelling approach. 

In Chapter 5, the analysis focuses on vessels containing water. The objective is to develop a CFD setup 

to study the response to fire of tanks containing substances other than LPG. The focus is on those liquids 

that, unlike LPG, are stored far from their saturation temperature at the storage pressure (i.e. in subcooled 

conditions). The main reasons for water being chosen for the analysis are twofold. First, this substance 

can be considered as representative of water solutions and, more generally, of those substances stored in 

subcooled conditions. These are present in large quantities in the process industry and being able to 

predict their behavior in case of fire attack is of primary importance. The second reason directly relates 

to the huge quantity of data made available by the experimental apparatus presented in Section 2 

In the first part of Chapter 5, the possibility to extend the setup used in the modelling of LPG tanks (with 

minor modifications) is analyzed. Results are presented, and compared with experimental data, 

highlighting strengths and limitations of this modelling setup. Then, an alternative approach is proposed, 

based on models developed for the study of subcooled boiling flows, that showed promising results in 

nuclear industry. The aim is to explore the possibility of extending this approach to the case of vessels 

exposed to fire. The results presented in this part represent a preliminary assessment of this modelling 

setup. 
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Chapter 4 Modelling LPG tanks exposed to fire 

The object of the present modeling activity is the characterization of LPG tanks under fire exposure. The 

aim is to provide a CFD based model able to predict the vessel response in such scenarios, in terms of 

pressurization rate and temperature distribution. These represents crucial information to support detailed 

safety and external emergency studies. 

Commercial LPG is a mixture, the main component of which is propane followed by butane, with a small 

percentage of lighter (e.g. ethane) compounds. The composition varies depending on the country and 

the period of the year. However, in the experimental reports relevant to all the fire tests described in 

detail in Chapter 1, the terms LPG and propane are used interchangeably. In fact, in the mixtures involved 

in the experiments the percentage of this compound was very close to 100 %. Therefore, pure propane 

was considered in the modelling activity presented in the following. 
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4.1 Theoretical background 

Figure 41 gives an overview of the physical phenomena characterizing the scenario under analysis. When 

a LPG tank is exposed to fire, heat is transferred from the flames to the tank wall by a combination of 

radiation and convection. The relative contribution of these two mechanisms depends on the fire 

characteristics. The heat received from the fire is transferred by conduction through the wall and heats 

up the tank lading. The inner surface temperature starts rising and the fluid in the proximity of the wall 

becomes warm and less dense. This determines the formation of free-convection flows in the upwards 

direction. In this way, heat is continuously removed from the wall by convection. Hot vapor rising along 

the wall accumulates at the top of the vessel. Similarly, the liquid forms a warm layer below the liquid-

vapor interface. Thus, both phases (gradually) becomes thermally stratified. This has a strong effect on 

the pressurization rate. In fact, according to several authors [8][9][3], it is temperature of the liquid-vapor 

interface (hotter than the liquid bulk due to thermal stratification) that, being at equilibrium conditions, 

drives the pressure in the vessel until the PRV opening. When this happens, both liquid and vapor 

experience strong mixing and the thermal stratification reduces to the point of being negligible. 

 

Figure 41: Schematic representation of the physical phenomena occurring outside and inside a vessel during fire exposure. 
Due to the low value of the heat transfer coefficient and the heat capacity, the wall portion in contact 

with the vapor space reaches very high temperatures. Thus, thermal radiation from the steel surface 

becomes important. Part of this is absorbed by the gas phase and the rest by the liquid-vapor interface.  

The situation in the liquid phase is different. As qualitatively depicted in Figure 42, the heat transfer 

mechanism is a function of the wall superheating (or the wall heat flux). Before the fire attack, the tank 

contents can be idealized as being at the equilibrium with the environment. The heat flux through the 

wall is zero and the wall temperature coincides with the saturation temperature at the tank pressure (point 

O in Figure 42). When the fire starts heating the tank, the heat flux at the inner wall becomes positive, 

resulting in wall superheating. A single phase free-convective heat transfer regime is established near the 

wall (curve OA). As the heating process proceeds, the heat flux increases. If the free-convective heat 

transfer coefficient is not high enough, the superheating can reach the point when isolated bubbles start 

forming at the wall. These bubbles grow until they detach from the steel surface and move away from 

the wall, where the temperature is lower. Thus, they start condensing. Depending on the bubble size, the 
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degree of subcooling and the travel distance between the point of detachment and the liquid surface, 

some of the bubbles will collapse and others will reach the ullage, contributing to the pressure rise.  

As the heat flux increases, more and bigger bubbles are formed. The regime passes from nucleate to slug 

boiling, until the critical point C is reached. Here, the heat flux is so high that a stable film of vapor forms 

at the wall. For propane, the value of the heat flux corresponding the point C (critical heat flux) is around 

600 kW/m2. This is several times higher with respect to the heat load determined by a hydrocarbon pool-

fire. Therefore, this situation can be excluded from the scenarios considered here. 

 

Figure 42: Typical pool boiling curve (adapted from [57]). 
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4.2 Model setup and fundamental equations 

In order to simulate the response of a LPG vessel exposed to fire, a 2D CFD based model was developed. 

The aim was to reproduce the physical phenomena described in the previous paragraph. In the following 

sections, the governing equations, the mesh generation and the mesh setup are presented in detail.  

4.2.1 Multiphase model and continuity equation 

Due to the multiphase nature of the problem under consideration, the first key step was the selection of 

a suitable multiphase model. Following the route traced by previous authors[49][51][52][58], the first part 

of the modelling work was carried out by using the Volume Of Fluid (VOF). This model, published for 

the first time in a journal paper by Hirt and Nichols in 1981 [59], is suitable when two or more immiscible 

phases are present. It tracks the interface between the phases by solving a continuity equation for the 

volume fraction of one (or more) of the phases. In the problem considered here, two phases are present: 

the liquid (L) and the vapor (V ). The vapor phase was chosen as the primary one, as suggested in [60] to 

avoid convergence problems. In this case, the continuity equation for the liquid volume fraction (‌) has 

the following form: 

‬

‬ὸ
‌” ​Ͻ‌”όᴆ ά ᴼ ά ᴼ  (Eq. 4.1) 

The terms ά ᴼ  and ά ᴼ  represent the mass transfer rate from the vapor phase to the liquid one 

(condensation) and vice-versa (evaporation) that will be defined later in this section. The volume fraction 

of the vapor phase is then obtained from the liquid volume fraction considering that, in each cell, they 

must sum to 1: 

‌ ρ ‌ (Eq. 4.2) 

All the material properties appearing in the transport equations are calculated by averaging the single 

phase property on the volume fractions. For instance, given the single phase properties • and • , the 

property • that will be used in the transport equations is calculated using the following formula: 

• •‌ •‌ (Eq. 4.3) 

4.2.2 Momentum equation 

In the VOF model all the phases share the same velocity and temperature field. Therefore, a single set of 

momentum equation is solved (Eq. 4.4). Note that in the VOF model there is no momentum source due 

to mass transfer. 

‬

‬ὸ
”όᴆ ​Ͻ”όᴆόᴆ ​ὴ ​Ͻ† ”Ὣᴆ Ὂᴆ (Eq. 4.4) 

The term † in the momentum equation represents the stress tensor and, for a Newtonian fluid can be 

expressed as: 
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Where ‘ is the viscosity and I is the unit tensor. Together, Eq. 4.1 and 4.4, are called the Navier-Stokes 

equations. 

4.2.3 Turbulence model and near wall treatment 

When a tank is exposed to fire, the liquid and the vapor in contact with the wall start heating up. This 

generates density gradients which represent the driving force for natural convection flows. As pointed 

out in by many authors[8][37][47], the behavior of the fluid in the near wall region plays a determinant 

role in the pressure build up. Understanding and being able to simulate this behavior is of paramount 

importance in the development of a model able to predict the response of a vessel under fire attack. In 

natural convection flows, the Rayleigh number (Ra = g Ǡ ǃT L3/ǩ) dictates whether the flow regime is 

laminar (Ra < 109) or turbulent (Ra > 109), being g the gravity constant (9.81 m/s2), Ǡ the thermal 

expansion coefficient, ǃT the temperature difference, ǩ the thermal diffusivity and L the characteristic 

length (assumed here as the internal diameter of the tank). Assuming a ǃT å 1K ([23] shows that this 

difference is actually higher) and considering the properties of pure propane at saturated conditions at 

0.7 MPa (typical storage conditions for LPG), the Rayleigh number for both liquid and vapor phase is 

higher than 1013 for all the cases analyzed in this work. Therefore, being well beyond the threshold below 

which the flow is laminar, the application of a turbulence model was needed. This is in accordance with 

previous CFD analyses of pressure build-up in LPG tanks exposed to fire ([49][51][52][58]). 

The modelling of turbulence represents a key issue and, at the same time, a challenge. The chaotic nature 

of this phenomenon makes it difficult to reproduce. The most advanced way to address this problem is 

to directly solve the Navier-Stokes equations on a very fine grid using a very small time-step, resulting in 

an extremely high computational cost. The application of this technique to the problem under analysis 

would be unaffordable in terms of computational time.  

A simpler method, widely used in engineering problems involving turbulent flows, is the so-called RANS 

(Reynolds-Averaged Navier-Stokes) approach. Here the instantaneous variables in the Navier-Stokes 

equations are decomposed into mean and fluctuating components. For a given variable •, the following 

formula is valid: 

• • • (Eq. 4.6) 

Where • and • represent the mean and the fluctuation components. At this point, by substituting 

expressions of this form for the flow variables into the instantaneous continuity and momentum 

equations and taking a time (or ensemble) average (and removing the overbar on the mean velocity) the 

RANS equations can be obtained: 

‬

‬ὸ
‌” Ͻɳ‌”όᴆ ά ᴼ ά ᴼ  (Eq. 4.7) 
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‬ὸ
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They are formally equivalent to Eq. 4.1 and 4.4 except for the last term of the left hand of Eq. 4.8. This 

is the divergence of the so-called Reynolds stress tensor. Introducing the Boussinesq approximation, this 

can be expressed in terms of the mean velocity gradients: 

†ᴂ ‘ ​όᴆ ​όᴆ  
ς

σ
”Ὧ ‘​ϽόᴆὍ (Eq. 4.9) 
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Where ‘ is the turbulent viscosity and k is the turbulence kinetic energy, usually calculated as the mean 

of the turbulence normal stresses: 

Ὧ
ρ

ς
ό ὺ ύ  (Eq. 4.10) 

At this point, a closure model is needed to calculate the turbulent viscosity and the turbulent kinetic 

energy. Numerous authors used in their works ([49][51][52][[58]) the k-ǣ model. This is one of the most 

common turbulence model in the CFD solution of engineering problems due to its robustness. For what 

concerns the near wall region, the above-mentioned authors opted for a wall function approach. It is 

clear that, in the problem under analysis, a proper representation of what occurs close to the steel surface 

is paramount for the achievement of good model performance.  

The presence of the wall, where the no-slip condition holds (i.e. the velocity at the wall is zero), strongly 

affects the flow and the turbulence and, therefore, the heat transfer. In the near wall region, the flow can 

be characterized introducing two non-dimensional parameters: y+ (representing the non-dimensional wall 

distance) and u+ (representing the non-dimensional velocity) defined according to Eq. 4.11 and 4.12 

respectively. 
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 (Eq. 4.11) 
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(Eq. 4.12) 
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(Eq. 4.13) 

Where y is the wall distance and †  is the wall shear stress. ό is called friction velocity. 

Experimental works have shown how, close to the wall, the flow is induced by viscous effects and is 

independent from the free stream parameters. In particular, the near wall region can be divided in three 

layers: 

- viscous sublayer (0 < y+ <5): here, the flow is dominated by the viscous forces. The shear stress 

equals the wall shear stress and, therefore, the following equation is valid: 

ώ ό  (Eq. 4.14) 

- buffer layer (5 < y+ <60): is region where transition between the viscous sublayer and the fully 

turbulent region occurs 

- fully turbulent or log law region (60 < y+ <500): here, turbulence effects are dominant and the 

following equation is valid: 

ώ
ρ

Ὧ
ÌÎώ ὅ (Eq. 4.15) 

Where k is the Von Karman constant (k å 0.4) and C is a constant that depends on the surface roughness 

(C å 5 for smooth walls).  
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Beyond the turbulent region, the flow is dominated by inertia and depends on the value of the Reynolds 

number. 

In CFD it is possible to address the problem of modelling the flow in the near wall region by following 

two different approaches: 

- wall function approach: the viscous sublayer and the blending region are not mathematically 

solved, but semi-empirical formulae called òwall functionsó are used to bridge them to the log-

law layer. In this way, the turbulence morel does not need to be modified in the near wall region. 

- near-the wall approach: the turbulence model is modified in the near wall region to allow the 

integration of the governing equations throughout the entire boundary layer (the sum of the three 

layers listed above), including the viscous sublayer. 

All the previous work of CFD modelling of pressure vessels exposed to fire followed the wall function 

approach([49][51][52][58]). However, especially in natural convection driven flows, this way of 

proceeding does not provide accurate results as pointed out by Leuven in 2006 [62].  

Therefore, in order to obtain accurate results for the heat transfer at the wall, the use of a turbulence 

model able to solve the governing equation inside the boundary layer was preferred with respect to a wall 

function approach. The turbulence model selected was the k-Ƿ SST [63]. Here, the turbulent viscosity is 

calculated according to Eq. 4.16:  

‘
”Ὧ

‫

ρ

ὒ
 (Eq. 4.16) 

This is proportional to the ratio between the turbulent kinetic energy k and the turbulent specific ‫ 

dissipation rate (L is a limiting function, the definition of which can be found elsewhere [60]). These are 

obtained from the following transport equations: 

‬

‬ὸ
”Ὧ Ͻɳ”Ὧόᴆ Ͻɳῲ​Ὧ Ὃ ὣ Ὓ (Eq. 4.17) 

‬

‬ὸ
”‫ Ͻɳ”‫όᴆ Ͻɳῲ​‫ Ὃ ὣ Ὓ  (Eq. 4.18) 

In these equations, Ὃ  represents the generation of turbulence kinetic energy due to mean velocity 

gradients. Ὃ  represents the generation of ,‫ ῲ and ῲ represent the effective diffusivity of k and .‫ 

respectively. ὣ and ὣ represent the dissipation of due to turbulence. Ὓ and Ὓ  and are user-defined 

source terms. For the sake of brevity, the definition of all these terms are not reported here. They can be 

found elsewhere [60].  

The k-Ƿ SST can be integrated though the boundary layer and is y+ insensitive [60]. This means that the 

model should provide a solution which is independent from the first cell wall distance. However, in the 

simulations carried out in the present work, some sensitivity to this parameter was found. This aspect 

will be discussed in detail later in this chapter. 

It is worth mentioning that, far from the wall region, the k-Ƿ SST is equivalent to the k-ǣ model. 
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4.2.4 Energy equation 

In the VOF model, all the phases share the same temperature field. The transport of energy is governed 

by the following equation:  

‬

‬ὸ
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(Eq. 4.20) 
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(Eq. 4.21) 

Where PrT is the turbulent Prandtl number and, in the k-Ƿ SST, is set to 0.85. It is important to note that, 

in the present setup, the effect of thermal radiation was not considered. This was done in order not to 

introduce further complexity in the analysis.  

4.2.5 Evaporation and condensation model 

The Lee model [64] was used to describe the mass transfer between the liquid and the vapor phase. This 

expresses the evaporation and condensation rate by means of Eq. 4.22 and Eq. 4.23 respectively. 

ά ᴼ ὅ‌”
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 (Eq. 4.22) 

ά ᴼ ὅ‌”
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 (Eq. 4.23) 

For a given cell, evaporation occurs when the temperature is above the saturation temperature (calculated 

at the cell pressure) according to Eq. 4.22 (where ά ᴼ  = evaporation liquid phase source term; ǟ = 

phase volumetric fraction, ǯ = density, T = cell temperature, Tsat = cell saturation temperature, CE and 

CC = coefficients, the subscripts L and V indicate the liquid and the vapor phase, respectively). On the 

contrary, when the cell temperature is below the saturation temperature, part of the content of the cell 

will condense according to Eq. 4.23 (where ά ᴼ  = condensation liquid phase source term). The Lee 

model can be considered as a simplified version of the model proposed by Hertz and Knudsen 

[65][66][67] to describes the evaporation and condensation mechanism for a flat interface starting from 

the kinetic theory of gases. According to the above-mentioned authors, the net evaporation flux through 

the interface can be described by Eq. 4.24: 

ὐ ‍
ὓ

ς“ὙὝ
ὴ ὴ Ὕ  (Eq. 4.24) 

Where Ǡe is the evaporation accommodation coefficient. 

Considering the Clausius-Clapeyron relation (Eq. 25) and, in particular, its discretized form (Eq. 4.26, 

valid for near equilibrium conditions), Eq. 24 can be rearranged yielding Eq. 27. 
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 (Eq. 4.27) 

Eq. 4.27 expresses a mass flux and, to be used in a CFD code as a source term in the governing equations, 

must be multiplied by the interfacial surface area and divided by the volume of the cell. Defining the term 

A I (interfacial area concentration) as the ratio between the interfacial surface area of the liquid phase and 

the liquid phase volume, which in turn can be expressed as the product of the liquid volume fraction and 

the cell volume, the source term due to evaporation can be written according to Eq. 4.28: 
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 (Eq. 4.28) 

A similar expression can be derived for the condensation source term ά ᴼ . It can be noted that the 

term within the square brackets in Eq. 4.28 corresponds to the coefficient CE in Eq. 4.17. In this way, 

the uncertainties relating to the evaporation and condensation accommodation coefficients and the term 

A I are limited to the choice of the value of the coefficients CE and CC. In the present work, they are both 

set to the default value of 0.1 s-1, according to DõAulisa and co-workers [51][61], who adopted the same 

approach (a sensitivity study was also carried out considering values of 1, 0.5, 0.2 and 0.001 s-1 for both 

coefficients). It is worth noting that the presence of the liquid volume fraction in Eq. 4.22 ensures that 

evaporation cannot occur in a cell full of vapor (thus with ‌ = 0).  On the same time, the presence of 

the vapor volume fraction in Eq. 4.23 ensures that condensation is not possible in a cell full of liquid 

(thus with ‌  = 0). 

4.2.6 Material properties 

Pure propane was considered in all simulations. Fluid properties are expressed as a function of 

temperature according to thermodynamic data provided in [68]. The same dataset was adopted for the 

determination of the saturation pressure used in the evaporation/condensation model described in the 

previous paragraph. The Soave-Redlich-Kwong equation of state was used for the vapor phase density 

calculation. The thermal properties of carbon steel (heat capacity, thermal conductivity and density) were 

considered for the tank wall [69]. 

4.2.7 Floating operating pressure option 

In order to calculate the pressure rise from the integral mass balance (due to heating and vapor moles 

generation), separately from the solution of the pressure correction equation, the floating operating 

pressure option is activated [60]. In this way, the solver calculates the absolute pressure at each iteration 

according to Eq. 4.29. Here, prel is the pressure relative to the reference location, which in this case is the 

cell with the minimum pressure value. Therefore, the reference location itself is floating. 

ὴ ὴ ȟ ὴ  (Eq. 4.29) 

ὴ ȟ ὴ Ўὴ  (Eq. 4.30) 
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The floating operating pressure pop,float is defined as the sum of the pressure rise ǃpop to the initial operating 

pressure ὴ . This helps to prevent roundoff errors. 

4.2.8 Solution methods 

For the transient formulation, a first order implicit scheme was adopted with a time step of 0.005 s. In 

order to check timestep independence, a simulation of one of the cases studies defined later (see Table 

10) was also carried out halving this value (i.e. using a timestep of 0.0025 s). A second order upwind 

scheme was chosen for the spatial discretization of density, momentum, energy and turbulent quantities 

(k and Ƿ), whereas the PRESTO! and the Geo-Reconstruction schemes were used for the pressure and 

the volume fraction respectively [60]. Pressure and velocity coupling was obtained by means of the 

SIMPLEC (Semi-Implicit Method for Pressure Linked Equations-Consistent) algorithm. Gradients were 

evaluated using the Least Squares Cell Based method.  

At each time step, the solution of a given conservation equation was deemed to have converged if one 

of the following criteria was satisfied: 

- The sum of the scaled residuals was below 10-3 (10-6 for the energy equation) 

- For a given time step, the ratio between the residuals and the residuals at the beginning of the 

time step was below 0.05 

In order to check the validity of this choice, additional simulations were run considering more stringent 

convergence criteria. The results of these simulations are presented in Appendix E. The equations whose 

residuals were monitored are continuity, momentum, energy, turbulent kinetic energy and turbulent 

specific dissipation rate.  

The maximum number of iterations per time-step, in case none of the convergence criteria were fulfilled, 

was set to 100 (however, this number of iterations was never reached during simulations). 

Under relaxation factors were set according to the values reported in Table 8. All the simulations were 

carried out in double precision. 

Table 8: Values used for the under-relaxation factors. 

Under relaxation factor Value 

Pressure 0.3 

Density 1 

Body forces 0.8 

Momentum 0.7 

Vaporization mass 1 

Turbulent kinetic energy 0.8 

Turbulent dissipation rate 0.8 

Turbulent viscosity 1 

Energy 1 
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4.2.9 Mesh generation 

As mentioned before, the geometry considered for simulations was a vertical section of a tank commonly 

used for storing or transporting LPG (Figure 43a). This only allows for simulation of the vessel response 

from the beginning of the fire to the first PRV opening.  

 

Figure 43: Tank section considered for the 2D simulation (a). Mesh overview (a) and details of the mesh close to the wall 
(c) and (d). 

The mesh was built using the ANSYS meshing software and was obtained as combination of quadrilateral 

and triangular elements, resulting in an unstructured mesh. Figure 43b shows the mesh used to simulate 

the last case study reported in Table 10. The meshing parameters were defined after a try and error 

process that allowed numerical stability and grid independence of the solution to be achieved. For all the 

cases simulated, regardless of the tank diameter, the maximum cell size was 3.3 mm with a global growth 

rate of 1.2. The inner and the outer wall were divided in the same number of segments, so that each 

segment on the outer wall was approximately 1 mm long. 

a) b)

c)

Detail 1Detail 2

d)
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The most critical part in the meshing process was the definition of the grid characteristic in the near wall 

region and, in particular, the choice of the thickness of the first cell in contact with the steel surface. In 

order to ensure a good resolution in this important part of the computational domain, 50 inflation layers 

were built starting from the inner wall of the tank (these are visible in Figure 43c) with a growth rate of 

1.1. The first layer thickness was set to 70 µm. This choice is the result of a sensitivity study reported in 

Appendix D. As shown in the appendix, thinner cells in the first layer lead to values of the vapor volume 

fraction close to unity. This causes a drop in the heat transfer coefficient resulting in very high wall 

temperature and a scenario similar to a film boiling regime. Such behavior is far from what observed in 

the experiments and shall be considered as a limitation of the present modelling setup. On the other 

hand, increasing too much the first layer thickness leads to less accurate results and gives convergence 

problems. 

The above mentioned meshing parameters were used to build the mesh for the various tanks considered 

in the case studies listed in Table 10. In particular, four different tank diameters were analyzed. In those 

cases where the fire scenario could be considered symmetrical across a vertical plane cutting the tank in 

the axial direction, only half of the section was meshed. Table 9 reports the mesh sized for the different 

tanks considered in the case studies listed in Table 10. 

Table 9: Number of mesh cells for the different tank considered in the case studies listed in Table 10. 

 Number of mesh cells 

Tank diameter 
Half tank 

(symmetric cases) 
Full tank 

(non-symmetric cases) 

0.51 m 29565 - 

1.00 m 77492 155745 

1.70 m 172825 347780 

3.05 m 469186 - 

 

Finally, in order to check the grid independence of the results, four additional meshes were built for the 

1 m diameter tank case, varying the maximum cell size, the length of the cell faces lying on the inner and 

the outer wall, and the first layer thickness. Results of the grid independence study are reported in 

Appendix D. 
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4.3 Case study definition for CFD model validation  

The CFD setup described in the previous paragraphs was used to simulate a series of fire tests, with the 

aim of understanding to what extent the CFD predictions are in accordance with experimental 

measurements. Two different scenarios were analyzed: 

1)  a full engulfing hydrocarbon pool-fire  

2) a distant fire, where the flames are not in direct contact with the tank  

For the first (hydrocarbon pool-fire scenario), the tests considered are those carried out by Moodie in 

1988 [23][4] on LPG tanks of various sizes and filling degrees, and the USDOT-FRA test (also known 

as the Townsend test) [15][16]. All these tests are described in detail in Chapter 1. For the second scenario, 

one of the tests carried out Heymes and co-workers in 2013 [32] was taken as reference as example of 

distant fire. This test is part of an experimental campaign aimed at studying the response of a LPG storage 

vessel to a forest fire scenario, simulated by means of a fire wall. The details of the test setup are presented 

in Chapter 1. All the cases are summarized in Table 10.  

The cases are labelled in order to facilitate the reading of figures. The first word identifies the main 

author/institution that carried out the fire tests. The first number refers to the tank capacity in tons and 

the last number indicates the filling degree. 
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Table 10: List of case studies for CFD model validation. 

# Case ID 
Tank capacity 

(ton) 
Tank diameter 

(m) 

Boundary condition 
(radiating black body 

temperature, K) 
Filling level 

Initial 
pressure 
(bar)* 

Initial 
Temperature 

(°C)* 

Referen
ce 

1 Moody-1/4t-40% 0.25 0.51 1060 40 % 6.6 11.25 

[4] 
2 Moody-1t-20% 

1 1.00 

1060 20 % 5.3 3.85 

3 Moody-1t-40% 1060 40 % 5.3 3.85 

4 Moody-1t-80% 1060 80 % 7.1 13.87 

5 Moody-5t-22% 

5 1.70 

1060 22 % 5.5 4.85 

[23] 
6 Moody-5t-36% 1060 36 % 5.2 2.85 

7 Moody-5t-58% 1060 58 % 5.5 2.85 

8 Moody-5t-72% 1060 72 % 5.8 6.85 

9 USDOT-64t-96% 64 3.05 1065 ð 1139 - 1213 96 % 9.7 25.5 [15][16] 

10 Heymes-1t-14% 1 1.00 Variable** 14 % 7.0 13.41 [32] 

* The starting pressure was defined according to the experimental measurements. The starting temperature is the saturation temperature of pure 
propane calculated at the initial pressure. This may differ by few degrees from the measured starting temperature due to the presence of lighter 
components (e.g. Ethane) in the LPG mixtures used in the tests or uncertainties in data acquisition form the experimental reports (most experimental 
data are reported only in graphical form and are not easy to read accurately). 
** Defined in paragraph 4.5.1 
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4.4 LPG tanks exposed to full engulfing pool fire 

4.4.1 Definition of the boundary and initial conditions 

The pool fire scenario was simulated by setting a constant radiating temperature as the boundary 

condition for the outer wall surface of the tank. The solver uses Eq. 4.31 to calculate the heat flux entering 

the faces of the cells lying on the external wall of the tank.  

ή „‐ Ὕȟ Ὕ  (Eq. 4.31) 

In this equation, Ǳ represents the Stefan-Boltzmann constant and is equal to 5.67ā10-8 W/(m2ÖK4). Tw and 

‐ are the temperature and the emissivity of the external wall. This latter parameter was considered to 

be 1. The value of the radiating temperature was defined according to the fire test reports [23][4][15][16]. 

For Moodieõs tests, the reports indicate that the fire temperature was around 900 ð 950 °C with a fire 

emissivity of 0.56. Considering the upper value of the range, the resulting black body temperature (TF,BB 

in Eq. 4.31) of the fire is 1060 K. The same logic was followed for the simulation of the Townsend test. 

In this last case, however, the report indicates that the fire conditions were quite variable (see also Figure 

4 is Section 1). The fire temperature before the first PRV opening was around 1366 °C for the rear section 

and 927 °C for the front one, with an average of 1010 °C and an average fire emissivity of 0.62 [15][16]. 

Therefore, three different simulations were carried out considering these three fire conditions. Using the 

a fire emissivity of 0.62, the radiating black body temperature for this simulations resulted to be 1065 K, 

1139 K and 1213 K (corresponding to the front, the average and the rear fire black body temperatures 

respectively). 

In all the simulations, the convective contribution of the flames was not considered. This was done to 

avoid the introduction of further uncertainties in the analysis, related to the unknown value of the fire 

convective transfer coefficient. In a pool fire, the contribution of convection represents about the 10 to 

20 % of the total heat flux transferred from the fire to the tank. For the Moodieõs tests, this contribution 

can be considered as included in the radiation heat flux due to the choice of selecting the upper value of 

the measured flame temperature in the definition of the radiating black body temperature. 

At the beginning of the simulations, the tank lading was assumed to be motionless (i.e. the value of the 

horizontal and vertical velocities was set to 0) and at the saturation temperature relative to the pressure 

indicated in Table 10 (corresponding to the initial pressure measured at the beginning of each fire test). 

In the full-scale test case, this introduces a discrepancy of 4.4 °C between the measured and the simulated 

starting temperature. This is due to the presence of a small percentage of ethane (2 %) in the LPG mixture 

used for the experiment, decreasing the saturation temperature (or increasing the vapor pressure) with 

respect to pure propane. Turbulent kinetic energy and specific dissipation rate were initialized at 10-9 

m2/s2 and 10-3 s-1 respectively. The no-slip condition was set at the inner wall (i.e. the velocity at the wall 

is zero) whereas symmetry was assigned at the tank vertical centerline in those cases were only half of the 

domain was simulated. 

According to the experimental reports relative to the Moodieõs tests [23][4], it took several seconds for 

the fire to fully develop. For this reason the CFD results curves had to be shifted in time to allow 

comparison with the experimental measurements. This shifting operation was the same within each series 

of tests, in order to be as consistent as possible. The shifting interval was set to 50 s for the 0.25 ton test 

and 80 s for both the 1 ton and the 5 ton tests. No shifting was introduced in the analysis of the full-scale 

test data. 

As mentioned before, only the part of the tests from the fire start until the PRV opening was simulated. 

In the following, results obtained in the CFD simulations are compared with experimental measurements.  
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4.4.2 CFD simulations of small scale tests: pressure predictions 

Figure 44 shows a comparison between the pressurization curves calculated by the CFD and those 

measured during the fire tests carried out by Moodie and co-workers [23][4].  

 

Figure 44: Comparison of CFD (blue line) and Moodieõs tests (red line) pressurization before the first PRV opening.  
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The results are in general positive agreement. The pressure in the first six cases is well predicted while it 

is underestimated in for the last two (Figure 44g and Figure 44h). It is important to stress that, while in 

the CFD simulation the heat load is applied instantaneously from the beginning, a real fire develops 

gradually. This means that shifting the CFD curves as introduced above is not enough to ensure a perfect 

match between model and actual conditions at the beginning of the simulation. Therefore, the prediction 

capability of the CFD model should not be judged exclusively considering absolute values, but instead 

focusing on trends showed by the different variable of interest (e.g. pressure and temperature). 

 

Figure 45: (a) experimental and (b) CFD pressurization curves for different filling degrees. 

Comparing the experimental results in terms of pressurization curves (Figure 45) within the same test 

series (5 ton series) it appears that the filling degree has no evident effect. The same behavior can be 

observed looking at the CFD results. Here, however, the case with the lowest filling level (22 %) shows 

a slightly higher pressurization rate.  
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4.4.3 CFD simulations of small scale tests: temperatures predictions 

In the following, temperature predictions from the CFD simulations are compared with available 

experimental measurements considering the Moodieõs fire tests [4][23]. Most of the temperature data 

refer to the tests carried out using the 5 ton tank.  

 

Figure 46: Comparison of the lading (liquid and vapor) temperature measurements and CFD predictions for the M3_22 
case. 

Starting from the test with the lowest filling degree (22 %), Figure 46 shows the results obtained for the 

internal temperature. In particular, thermocouples positioned on the vertical center line of the vessel are 

considered. The liquid temperature is predicted with high accuracy. On the other hand, the vapor phase 

results appear to be hotter than the experimental measurements. A similar deviation was observed in all 

the cases analyzed (as will be showed in the following) and appears to be systematic. A possible 

explanation for this behavior could be an inhomogeneous fire load in the vertical coordinate, with the 

resulting heat flux lower at the top of the tank under experimental conditions. Both CFD and test results 

show that the vapor phase is stratified. However, this phenomenon is more evident in the simulation, 

where the various òthermocouplesó on the vertical line read clearly different temperatures. On the other 

hand, in the real test, the vapor space appears as divided in two zones: a hotter zone (thermocouples T 

44, T 45 and T 59), quite well mixed, in the upper half of the tank, and a colder one, just above the liquid 

surface (thermocouples T 46 and T 47). This may be a consequence of three dimensional effects. Vapor 

flowing axially from the ends of the tank towards its center could have promoted mixing. It is important 

to note that, as pointed out by several authors, it is the temperature of the liquid that drives tank 

pressurization. Therefore, being able to closely reproduce the temperature field in the liquid phase is a 

fundamental requirement for a model that aims at predicting the pressure build up. On the other hand, 

high accuracy in the vapor temperature prediction does not seem so be so decisive. 
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Most of the available temperature data relevant to the 5 ton tank test series refers to the 72 % (Moodie-

5t-72%) filling degree case. Considering the liquid temperature close to the wall (Figure 47a), it can be 

seen how the CFD prediction is in good agreement with the experimental data for thermocouples T 55 

and T 56, positioned at 10 and 15 mm from the inner wall respectively. On the other hand, the 

temperature relative to the point T 54 (5 mm from the wall) appears to be under predicted. It is interesting 

to note that the temperature curves are not perfectly smooth. This is probably due to the unstable flow 

condition, caused by the cyclic formation and destruction of eddies in the near wall region. Furthermore, 

bubbles departing from the steel surface are replaced by colder liquid from the bulk, determining a 

periodic cooling effect. 

 

Figure 47: (a) Comparison between CFD predicted and measured liquid temperatures at different distance from the wall 
for the 3M_72 case. T 54 T 55 and T 56 are positioned at 5, 10 and 15 mm from the wall respectively; (b) Liquid 

temperatures at the bottom of the tank for the Moodie-5t-72% case simulated without considering the symmetry condition. 

The temperatures measured by the thermocouples T 24 (1 mm from the wall) and T 25 (5 mm from the 

wall) are both slightly over predicted (Figure 47a). This could be due the fact that these points lie on the 

vertical line, where the symmetry condition was imposed in the CFD calculation. Therefore, a further 

calculation considering the entire tank section was carried out. In this case, the results obtained for the 

thermocouple T 25 are in better accordance with the measurements, while the temperature of T 24 is 

slightly under predicted. It must be said that, from the report, it is not clear how this thermocouple (3 

mm, type K) was held in place at a distance of 1 mm from the wall. This may have affected the 

measurements. All the other results remained almost unchanged with respect to the case where the 

symmetry condition was considered. 

As observed in the 22 % filling case, the temperature prediction for liquid bulk (Figure 48) is in good 

agreement with the measurements registered by thermocouples T 46 and T 47. A small discrepancy is 

found between the CFD result and the experimental data for the thermocouple just below the liquid-

vapor interface. Here, the temperature is slightly underestimated. This explains the difference in the 

experimental end calculated pressure curves observed in Figure 44h and represents a further evidence 

supporting the hypothesis that the pressure inside the tank is dictated by the liquid temperature. Again, 

as already observed in the lowest filling level case (Moodie-5t-22%), the vapor phase temperature is 

overestimated.  
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Figure 48: Bulk temperatures from the Moodie-5t-72%filling degree test. 

Apart from pressure measurements, the only data available for each tests of the 5-ton tank series is the 

maximum wall temperature. These are reported in Figure 49. Clearly, they refer to the wall portion in 

contact with the vapor phase. The curves obtained from the CFD simulation are coincident among them, 

suggesting that the filling degree has no influence on the maximum wall temperature. 

 

Figure 49: Maximum wall temperature for the Moodieõs 5 ton tank tests. 

At the first glance, this seems to be in contrast with the measurements. However, the variation registered 

during the experiments is most probably caused by the variability of the fire conditions. This assumption 

is supported by the curves obtained for the 36 % and 38 % filling level tests (the 38 % test was aborted 

due to technical problems, the results showed in Figure 49 are the only ones reported in [23] relative to 
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this test). In fact, the results of the 38 % case are coincident with those obtained in the 22 % filling case. 

The same is true for both 36 % and 72 %. This seems to confirm the hypothesis that, for a tank of the 

size considered (1.7 m diameter), the maximum wall temperature does not depend on the liquid level, at 

least when this is not higher than 72 %. 

 

Figure 50: Comparison between predicted and measured lading temperatures for the Moodieõs tests involving the 1 ton 
tank. 

For the test series involving the 1 ton tank (Tests Moodie-1t-20%, Moodie-1t-40% and Moodie-1t-80%), 

the comparison between CFD and experimental results reflects what was seen for the 5 ton tank tests. 

Considering the lading temperature, measurements are available from three thermocouples (B, M and T), 

positioned on the vertical centerline at 50 (B), 374 (M) and 759 (T) mm from the bottom of the tank 

respectively (the tank diameter was 1 m). Plots in Figure 50 show that there is a general good agreement 

between calculated and measured temperature curves. For the tests with the lowest filling degree 

(Moodie-1t-20%, Figure 50a) the dynamic of the temperature increase is well reproduced in all the three 

points. The CFD curves appear to be translated by about 20 s in time with respect to the experimental 

ones. The calculated liquid temperature is slightly higher than the real one, explaining the pressure over-

prediction observed in Figure 44b. On the other hand, for the Moodie-1t-40% tests (Figure 50a), the data 

from thermocouple M is exactly reproduced, leading to a very good match between the predicted and 

measured pressure curves (Figure 44c). As already observed in the 5 ton tank tests, the absolute value of 
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the vapor temperature is over-predicted, but the dynamic is well captured. In the last test of the series 

(Moodie-1t-80%, Figure 50c), the agreement does not appear as good as for the other cases. There is an 

offset of about 10 °C between the CFD results and the experimental data relating to points M and B6. 

This is exactly the difference in the saturation temperatures of propane evaluated at the starting pressure 

of test Moodie-1t-20% (equal to Moodie-1t-40%) and test Moodie-1t-80%. However, the plots show the 

same starting temperature for all these three tests. If the measurements were correct, then the liquid in 

the tank for tests Moodie-1t-80%was at equilibrium conditions (it would have been subcooled). This 

hypothesis is quite unrealistic. Therefore, one of the pressure and temperature measurements must have 

been wrongly reported. Without arguing about the correctness of the experimental data, Figure 50d 

shows the comparison between the temperature curves obtained from the CFD model and the 

experimental measurements translated by 10 °C, so that the first point is at the saturation temperature 

corresponding to the initial pressure of the tank. In this way, temperatures of point B and M appear to 

be well predicted whereas the temperature at point T (in the vapor space) is slightly underpredicted. 

 

Figure 51: Comparison between predicted and measured vapor (a) and liquid (b) wetted wall (outer surface) temperatures 
for the Moodieõs tests involving the 1 ton tank. 

Figure 51 shows the test and CFD results for the vapor and the liquid outer wall temperatures. For the 

wall part in contact with the vapor phase (Figure 51a), the CFD predicts the same profile for all the cases, 

up to 200 s from the beginning of the test. From this point, the temperature relative to the 80 % case 

starts increasing at a lower rate with respect to the other two cases. This due to the cooling effect provided 

by the liquid. In fact, the vapor space is considerably colder in the Moodie-1t-80% test with respect to 

the other two cases. This is clearly visible in Figure 50 both looking at CFD and experimental 

measurements. After 200 s, thermocouple T indicates a temperature around 120 °C for the Moodie-1t-

20% test, 100 °C for the Moodie-1t-40% test and only 50 °C for the Moodie-1t-80% test.  

                                                 
 

6 In this test, point T is very close to the liquid-vapor interface. In this region, the temperature gradient is high and a small 
difference in the position of this point between the CFD simulation and the test can result in a poor agreement between the 
predicted and measured temperature. 
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All the predicted curves follow the measurements obtained in the 20 % test. The differences among the 

experimental curves are most probably a consequence of the variation in the fire conditions.  

Analysis of the results relating to the liquid wetted wall (Figure 51b), shows poor between the CFD 

prediction and the experimental results. As explained in detail in Appendix D, the prediction of the 

temperature in the wall portion wetted by the liquid represents the weakest point of this modelling setup. 

Wall superheating around 50 °C are found in the simulations. Experimental studies [70][71] of propane 

pool boiling show that, for heat fluxes around 100 KW/m2 (typical of hydrocarbon pool-fires), the wall 

superheating close to 10 °C shall be expected (this value can change by few degrees depending on the 

morphology of the heated surface.  

It should be noted that also the experimental measurements showed Figure 51b appear to be of 

questionable reliability. The behavior registered in the Moodie-1t-20% and the Moodie-1t-80% cases is 

quite strange, especially considering what happened in the test with the intermediate filling degree 

(Moodie-1t-40%). The sudden increase in the curves slope suggests that, at some point, the thermocouple 

lost its contact with the wall. Focusing exclusively on the data from test Moodie-1t-40%, it can be 

observed how, despite a disagreement in absolute terms, the temperature curve predicted by the CFD 

presents a slope very similar to the measured one in the Moodie-1t-40% case. 

 

Figure 52 Comparison between predicted and measured lading (a) and wall (b) temperatures for the Moodie-1/4t-40%. 

To conclude the comparison among predicted and measured temperatures from Moodieõs tests, Figure 

52 shows the results obtained for the case involving the smallest tank of the test series (Moodie-1t-40%). 

Again, the CFD model proves to be able to reproduce the liquid temperature (Figure 52a) and therefore 

(as previously explained) the pressurization curve (Figure 44a). The vapor temperature, similarly to what 

happened in the cases analyzed above, is greatly overestimated. Finally, the CFD prediction of both the 

vapor and liquid wetted wall temperature is not in agreement with the experimental results. 
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4.4.4 CFD simulations of full scale tests: comparison between model and experimental 

results 

Sections 4.4.2 and 4.4.3 show a good agreement between CFD results and experimental measurements 

obtained from the small scale tests carried out by Moodie and co-workers. This is true both for pressure 

and lading temperature data. On the other hand, liquid wetted wall temperature is overpredicted. 

In this section, the results related to the full-scale test carried out by the USDOT-FRA test (also known 

as Townsend test) [15][16] are analyzed. As mentioned before, three simulations were carried out using 

different values of the radiating black body temperature. Considering tank pressurization, Figure 53 

shows that the experimental data fall between the curves obtained using the rear (red line) and the average 

(green line) black body temperatures.  

 

Figure 53: Pressurization before the first PRV measured in the full scale test (red circles) and calculated by the CFD 
model setting the front (blue) the rear (red) and the average (green) fire black body temperature as boundary conditions. 

Analyzing these results, it shall be taken in mind that the presence of a small percentage of ethane in the 

LPG used for the experiment increased the pressurization rate. The red points would be lower (and closer 

to the green curve) if pure propane would have been used. 

Considering the high variability of the fire conditions described in the experimental report, it is possible 

to conclude that the model predictions are in acceptable agreement with the test measurements. 

Furthermore, it appears that the tank pressurization was driven by the fire conditions at the rear section. 

Considering the temperature results, Figure 54 reports the comparison between the predicted and the 

measured liquid temperatures both for the rear and the front measurements stations. CFD results refer 

to the simulation carried out using the average fire black body temperature. Due to the initial difference 

of 4.4 °C in the starting temperature caused by the presence of ethane (as discussed above), this amount 

was subtracted from the CFD data to allow comparison. Therefore, the following results shall be analyzed 

focusing on trends rather than absolute temperature values. 
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Figure 54: Comparison between CFD and measured temperature in the liquid phase on the different vertical measurement 
stations: centerline for the front (a) and rear (b) sections and lateral measurement stations for the front (c) and rear (d) 
sections. The scheme of the thermocouple positioning for the front (e) and rear (f) sections are also reported. CFD data 

refers to the simulation carried out using the average fire black body temperature. 
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CFD and experimental results are, in general, in good agreement. In both cases (CFD and fire test data), 

it is possible to observe that the liquid is thermally stratified. The vertical thermal gradient increases as 

time advances. As observed in the reduced scale tests, the temperature in the liquid rises almost linearly. 

Considering the case where the rear fire black body temperature was set as boundary conditions, Figure 

55 shows that the temperatures at the vertical center line (rear section) are overestimated by the CFD 

model. The same is true for all the other measurement stations (not shown).  

 

Figure 55: Comparison between CFD and measured temperature in the liquid phase along the vertical centerline for the 
rear section. CFD data refers to the simulation carried out using the lower black body temperature. 

Therefore, considering both temperature and pressure results, and taking into account that the presence 

of ethanol in the test accelerated the pressurization rate, it can be concluded that the simulation using the 

average black body temperature as the boundary condition gave the best prediction. 
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4.4.5 Velocity profiles 

Figure 56 shows the path-lines for the Moodie-5t-72% case at different instants of time. The first five 

panels refer to the case where the entire section was simulated (i.e. not considering the symmetry of the 

problem). 

 

Figure 56: Path-lines at different instants of time for the Moodie-5t-72% case. Full tank simulation (a) to (e) and half 
(with symmetry) tank simulation (f).  

b) 120 sa) 60 s

d) 240 sc) 180 s

f) 300 se) 300 s
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The flow near the wall looks quite steady (however, Figure 56a and b show that for the first two minutes 

the pick velocity in the near wall region is a bit higher with respect to the rest of the simulation). The 

thickness of the region affected by free convection is limited to few centimeters. It is clearly visible how 

the liquid rising at the tank sides reaches the liquid-vapor interface, runs parallel to it towards the tank 

vertical axis and then goes down to the bulk, where it mixes with the cold liquid and slows down. Here, 

irregular eddies are formed which dissipate the momentum of the stream coming from the tank wall. At 

the bottom, a region of instability can be observed. Even though the flow is not exactly symmetric with 

respect to the vertical center-line, the path-lines on the left half of the tank are similar to those on the 

right one. For comparison, the last panel (f) shows the path-lines plot at 300 s for the simulation 

considering symmetry. They are similar to those observed in panel (e). From the pressurization point of 

view, no difference was observed between the symmetric and non-symmetric simulation. 

In the vapor space, the behavior is similar to that observed in the liquid region. Close to the wall, a free-

convective layer forms. The vertical extension of this layer decreases with time. In fact, hot vapor 

accumulates at the top of the tank and a zone forms where the temperature reaches a plateau. This 

suppress the free-convective flows since its driving force, the temperature gradients, gets weaker and 

weaker. 

 

Figure 57: Vector velocity plot at different horizontal sections in the liquid region (in the proximity of the horizontal 
center-line) for the Moodie-5t_72% case, after 300 s of simulation) 

Figure 57 gives a focus on the free-convective layer near the wall in the liquid region. As mentioned 

before, the thickness of this layer is quite small with respect to the tank diameter (here, the Moodie-5t-

72% case is considered, where the tank diameter is 1.7 m). Within a bit more than 3 cm from the wall, 

the velocity decays and the liquid is almost motionless.  

This is even more evident in Figure 58, which reports the y-velocity profiles as a function of the distance 

from the wall at different instants of time for the Moodie-1t-80% (a) and the Moodie-5t-72% (b) cases. 

The plots refer to the horizontal center-line of the tank. The velocity gradient near the wall is very steep. 

1cm

2 cm

3 cm



85 

The maximum velocity (around 0.4 and 0.5 m/s for the Moodie-1t-80% and the Moodie-5t-72% case 

respectively) is found to be at approximately 1 mm from the wall for both cases. Going towards the 

center of the tank, the velocity decreases at reducing rate until it reaches a negative value. The distance 

from the wall at which the sign change occurs is higher in the larger tank. It is worth noting that, in both 

cases, this distance corresponds to about the 4 % of the tank diameter.  

 

Figure 58: y-velocity profiles in the liquid space at different instants of time for the Moodie-1t-80% (a) and Moodie-5t-
72% (b) cases at the horizontal center-line as a function of the wall distance. 

As mentioned in the discussion of Figure 56, in the liquid phase the velocity profiles near the wall reach 

a pseudo steady state condition. In both the Moodie-1t-80% and the Moodie-5t-72% cases the curves 

referring to different instants of time are almost coincident (the small bumps visible on the blue curve in 
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Figure 58b are due to the transient formation of eddies in the liquid bulk as visible in Figure 56). A slightly 

higher peak velocity can be observed in the first part of the simulations.  

For the vapor space, things are a bit different. Analyzing the two cases with the lowest filling degree, 

Moodie-1t-20% and Moodie-5t-22% (Figure 59a and b respectively), it appears that the peak of the 

velocity profile is very close to the wall (about 1 mm). This is similar to what was observed in the liquid 

for the Moodie-1t-80% and Moodie-5t-72% cases. Here, however, the velocity profiles do not show the 

same pseudo steady state behavior. In fact, the point where the y-velocity becomes negative get closer to 

the wall as time advances. This is more evident in the case of the 1 m diameter tank (case Moodie-1t-

20%), but the same trend can be observed for the largest one. 

 

Figure 59: y-velocity profiles in the vapor space at differents instant of time for the Moodie-1t-20% (a) and Moodie-5t-
22% (b) cases at the horizontal center-line as a function of the wall distance.  
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The difference between what happens in the liquid and the vapor space is well represented in Figure 60. 

The three panels show the iso-lines corresponding to a velocity magnitude value of 0.05 m/s at different 

instants of time for the Moodie-5t-72% case. The first thing that can be noted is that, at the beginning 

of the simulations (Figure 60a), the line relative to the liquid space appears quite irregular. The opposite 

is true for the last panel of Figure 60 (c), where the profile is smooth. The thickness of the convective 

layer appears to increase going from the bottom of the tank towards the liquid surface. However, for a 

given vertical coordinate, this remains constant. On the other hand, in the vapor space, both the thickness 

and the extension of the free convective layer decrease with the time. 

Finally, it is worth noting that the position of the liquid-vapor interface moves a bit towards the top of 

the tank. This is due to the expansion of the liquid phase.  

 

Figure 60: Iso-velocity line corresponding to a velocity magnitude value of 0.05 m/s at 60 s (a), 180 s (b) and 300 s (c) 
for the Moodie-5t-72% case 
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4.4.6 Thermal stratification 

In Section 1 it has been pointed out that many authors have stressed how thermal stratification plays a 

key role in the determination of the pressurization rate. Consequently, most of the modifications made 

to improve simple models for the prediction of the response of vessel exposed to fire were aimed at 

reproducing this phenomenon. The capability of CFD in reproducing in detail the flow and temperature 

fields inside the vessel makes it a powerful tool to study the importance of thermal stratification. In the 

following, the temperature distributions obtained from the simulations of all the cases summarized in 

Table 10 will be analyzed in order to assess the importance of this phenomenon. 

 

Figure 61: Comparison between pressure (P-blue line) and saturation pressure (Psat ð green dots) calculated at the 
average liquid temperature for the Moodieõs test carried out using the 5 ton tank. 

The simplest way to understand how the inhomogeneous distribution of the temperature affects the 

pressurization in the tank is to compare the pressure curves (obtained with the CFD model) with the 

saturation pressure calculated at the average (mass weighted average) temperature of the liquid phase. 

Figure 61 shows the results obtained for the tests involving the 5 ton tank. The plots show a clear trend, 

with the green dots representing the saturation pressure falling onto the pressure curve for the first two 

cases (Moodie-5t-22% and Moodie-5t-36%) and deviating from it in the other two (Moodie-5t-58% and 

Moodie-5t-72%). The deviation increases with the increase of the filling degree.  

This behavior becomes even more evident in the full scale case (UDDOT-64t-96%, Figure 62). Here the 

difference between the blue curve and the green dots reaches a value of about 8 bar after 100 s from the 
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beginning of the test. These results refer to the simulation carried out using the average fire black body 

temperature 

 

Figure 62: Comparison between pressure and saturation pressure calculated at the average liquid temperature for the full 
scale test. 

 

Figure 63: Parity plot comparing the pressure and saturation pressure calculated at the average liquid temperature for all 
the cases in Table 10 relating to the fully engulfing pool fire scenario.  
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Looking at the complete set of cases listed in Table 10, Figure 63 (reporting a parity plot comparing the 

pressure in the tank with the saturation pressure calculated at the average liquid temperature) confirms 

the trend observed in the 5 ton tank test series. For intermediate filling degrees, the points fall very close 

to the line y = x, indicating that stratification has almost no effect on the pressurization rate. On the 

contrary, when most of the tank volume is occupied by the liquid phase, the role of stratification becomes 

important. This phenomenon appears to be stronger for bigger tank diameters. A strange result is 

obtained for the Moodie-1t-20% case, where the saturation pressure calculated at the average temperature 

of the liquid phase is slightly higher than the tank pressure.  

In 1996, Birk and Cunningham [72] adopted the dimensionless parameter Ǐ (Eq. 4.31) to quantify the 

effect of thermal stratification on the pressurization rate.  

ɩ
ὴ

ὴ Ὕȟ
 

(Eq. 4.31) 

It is defined as the ratio between the pressure of the tank and the saturation pressure (p) calculated at the 

average temperature of the liquid phase (TL,av). Figure 64 shows the variation of this parameter as a 

function of time for the cases listed in Table 10 relative to the fully engulfing pool fire scenario. 

 

Figure 64: parameter Ǐ calculated from the CFD simulation of the cases listed in Table 10 relative to the fully engulfing 
pool fire scenario. 
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4.4.7 Temperature fields 

Analyzing the temperature distribution, Figure 65a and b show the liquid temperature maps relative to 

the Moodie-5t-72% case after 60 and 300 s from the beginning of the simulation respectively.  

 

Figure 65: Temperature contour plots at 60 s (a) and 300 s (b) and vertical temperature profiles at different instants of 
time (c) for the Moodie-5t-72% case. 

After just one minute of simulation, the liquid appears to be already stratified. This phenomenon becomes 

more and more visible as time advances. At the bottom of the tank, the effect of the instability of free-

convective flow on an almost flat surface are also clearly visible. Figure 65c shows the temperature 

profiles on the vertical center-line of the tank (from the bottom to the liquid surface) at different instants 

of time. The curves confirm what already observed looking at the temperature contour plots. The thermal 

stratification is not negligible and becomes more evident in the last part of the simulation. 
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