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Abstract

The study and the analysis of quench initiation and propagation is of
paramount importance in the design of any superconducting magnets. Sev-
eral disturbances such as ac losses, failures of the cryogenics or heat load
may induce the quench initiation on a magnet and determine its irreversible
transition to the normal state. Since the early days of magnet construc-
tion, the scientific community has devoted significant efforts in the study of
quench.

In the present work, numerical methodologies are presented and dis-
cussed for the analysis of electro-thermal stability, quench propagation and
temperature margin on superconducting cables and coils. The proposed
models are applied to the analysis of several superconducting magnets un-
der development in different research groups in Europe (EU) and United
States (US).

The comparison of the numerical results with the experimental tests or
with different computational approaches make the author confident about
the applicability and reliability of the proposed modelling techniques.
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Introduction

One of the main technical issues in the operation of superconducting magnets
is the protection in the event of quench, the irreversible transition from the
superconducting to the normal state that may occur due to the deposition of
external heat input on the conductor. These energy disturbances may arise
from several phenomena, such as cracking of the insulating materials, failures
of the cryogenic system, ac losses in the conductor during electromagnetic
transients, secondary particle showers in accelerator magnets or nuclear heat
load in fusion magnets. Prompt detection of a normal zone and efficient
protection of the magnets is important to avoid damages due to the high
temperatures that may be reached in the hot spots following the electro-
thermal instability.

Aim of this study is hence to discuss some of the principal disturbances
than can arise during the normal operation of real magnets. Numerical
methods are developed to analyse different magnets configurations during
their operative conditions.

A description of the state of the art is a fundamental step to be aware of
the know -how and progresses of the scientific community to analyse quench
with different methodologies. Hence, the different approaches presented in
the literature for the study of quench in high temperature superconductors
are described in the first chapter of the present work

The National High Magnetic Field Laboratory (NHMFL), Tallahassee,
FL, USA, is presently testing a 32 -T all-superconducting user magnet sys-
tem, combining two series -connected nested high-field HTS inner coils (in-
sert) pancake -wound with SuperPower Rare Earth Barium Copper Oxide
(REBCO) tapes and a low-temperature superconducting (LTS) outsert mag-
net composed of five coils split into 17 electric sections. As a part of the
research and fabrication activities for the magnet development, different
prototype coils are tested. In the second chapter, the electromagnetic and
thermal stability is studied by a quasi 3 -D Finite Element Model (FEM)
model for the first prototype coils wound in the frame of the 32 T magnet
project. The first prototype is a foretype of the real insert of the 32 T mag-
net. Heater spacers located on the pancakes are fired in case of quench event.
Scope of this study is to analyse the quench initiation and propagation, the
temperature distribution and the hot spot temperature evolution during the
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heaters firing and to focus on the contribution of the different pancakes on
the quench of the whole magnet. In order to study the coupling between
double HTS inserts and an LTS outsert, as in the 32 T real configuration,
in the third chapter, a second prototype is also analysed in the presence of
an LTS outsert able to provide a background magnetic field. The inductive
coupling and the energy exchange between the HTS insert and the LTS out-
sert during the quench of both the HTS and the LTS magnets is analysed
and discussed. The 32 T magnet itself is modelled in a selected test case
without the presence of the LTS insert. The quench propagation and the
determination of the most stressed pancakes is analysed and discussed.

In the fifth chapter, in the frame of the EUCARD 2 project, the same
numerical approach used for the NHMFL quench studies is applied for the
electrical and thermal stability analysis of a Roebel cable composed of 15
REBCO based tapes. A model based on the finite element method is imple-
mented to analyse the heat and current redistribution in the case of pointwise
disturbances applied to a single strand of the cable.

In both the analysis for the NHMFL prototypes and of the EUCARD2 -
Roebel cable, the slow time -varying magnetic field allows one to study the
stability without accounting for the coupling and magnetization losses. In
the second part of this study, in the frame of the design of the first super-
conductive Gantry magnet for cancer therapy at the Paul Scherrer Institute
(Switzerland), the electrothermal stability of the Gantry is analysed during
its operation cycle. The magnetic flux density variation during the cycle to
bend the beam particle causes coupling and hysteresis losses in the Gantry
magnet system. In the the sixth chapter, the approaches applied for the
computation of the coupling losses in the Gantry magnet system are de-
tailed and widely described. The electromagnetic ac and coupling losses of
the Gantry configuration are presented and the temperature margin is dis-
cussed comparing the temperature distribution at the end of the operating
cycle with the current sharing temperature of the magnet.
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Part I

Modeling of Quench in HTS
Superconductive Magnets
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Chapter 1

State of the Art of Quench
Modeling in HTS
Superconductive Magnets

1.1 Introduction

The possibility of High Temperature Superconductors (HTS) to carry high
current densities at intense magnetic field has increased the interest of the
scientific community in the application of HTS tapes to the realization of
high field magnets [1]-[5] as shown in Table 1.1.

The prompt detection of quench and the efficient protection of the mag-
nets is important to avoid damages due to the high temperatures that may
be reached in the hot spots following the electro-thermal instability. The
high specific heat and low thermal conductivity of the HTS materials with
respect to the LTS determine a propagation of the normal zone in the HTS
magnets slower than in the LTS devices, thus determining difficulties in the
prompt response and detection of the quench event.

Hence, during the R&D activity for magnets fabrication, and particu-
lartly for HTS windings, foundamental step is the analysis of the initiation
and the propagation of normal zone which is needed for the quench protec-
tion of the magnet from sudden burn and breakdown.

Since the early days of magnet construcition, the scientific communty has
then devoted large efforts in the study of quench. One of the first methods
for simulating the quench event was presented by Wilson in 1968 [6]. The
method was based on the computation of the energy required to quench
a magnet. Wilson defined the smallest normal conducting volume that is
required in the coil for the normal zone to spread, namely, the minimum
propagating zone (MPZ). The energy that is required to create MPZ is
called MQE. By using the MQE concept, the heater energy required to
quench an LTS magnet can easily be estimated. In fact, the first widely
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Table 1.1:
HTS HIGH FIELD PROJECTS [5]

Project Type
∆B

HTS/LTS
HTS

Jave
A/mm2

Final
Data

Comment

32 T
NHMFL

user
magnet

17/15
REBCO
REBCO

200
170

2017 insulated

25 T
Tohoku

user
magnet

10.6/14 REBCO 112 2016 insulated

28 T
Bruker

user
magnet

- - - - -

28 T
RIKEN

demo 11.5/17.1
REBCO
Bi-2223

157
78

- insulated

Muon collider
solenoid

demo 15/0 REBCO 539 - no insulated

26 T
SuNAM -MIT

demo 26.4/0 REBCO 343 - no insulated

25 T
IEE -CAS

demo 10.7/15 REBCO 267 - no insulated

30.5 T
MIT

user
magnet

18.8/11.7
REBCO
REBCO
REBCO

547 2020 no insulated

used computer program for simulating quench was Wilsons QUENCH [6],
which is based on the MPZ concept. QUENCH was very useful in the 1980s,
when computers were not advanced enough to solve large problems in three
dimensions utilizing the finite -element method (FEM) or finite -difference
method in adequate time. Later, other codes based on quench propagation
were also presented, e.g., PQUENCH [7] and QLASA [8]. In the 1990s, an
extensive code based on difference method was developed at the National
High Magnetic Field Laboratory [9], [10]. Later, commercial software like
ANSYS, Comsol or Opera have been utilized to solve the heat diffusion
equation with Finite Element Methods. In addition, simulation tools for
specific tasks have been developed. For example, CUDI has been used to
analyze quench propagation in Rutherford cables [11].

The field of quench modelling has become a long way up to the present
state of art and it is impossible to discuss and present all the models devel-
oped by the scientific community over the years to analyse quench in super-
conducting devices. The present introduction therefore focuses on some of
the different models and approaches developed by the scientific community.

The usual methods for modeling the transition behaviour of supercon-
ducting magnets include a variety of modeling techniques, such as analytical
equations [12] -[15], equivalent network circuits with lumped elements [16] -
[26], homogenized coil models [27] -[40].
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Several scientific groups applied the different techniques to study the
quench propagation and initiation in High Temperature Superconductive
(HTS) devices. In order to focus on the quench modelling in the High Tem-
perature Superconductive magnets, the different methodologies are analysed
and discussed in the following chapters.

Before presenting the different models for the study of quench, an in-
troductory qualitative description of the quench phenomenon and of the
constitutive law that characterize the superconducting materials are neces-
sarily introduced.

1.2 A Qualitative Introduction of Quench

A superconductive magnet is usually cooled at cryogenics temperature and
then energized by the flow of the transport current. Since the presence of
the superconductive material, the current will flow with ideally no losses in
the magnet. The presence of the cryogenic system will remove heat coming
from external disturbances. In the design condition, the cooling system
is always able to remove the exceeding heat but particular external heat
depositions could determine the transition of the conductor to the normal
state. The increase of a steady state heat input, the high magnetic filed
variation and the consequent coupling and hysteresis losses induced, the
sudden slipping among components and the cracking of the epoxy could
deposit external heat in the conductor [41]. During the first 0.1 ms or 1 ms
of quench initiation, the sudden energy deposition in a localized region could
determine the increase of the temperature of the superconductor and after
about 10 ms, if the temperature increase is enough, the current is shared
between the superconditive material and the other materials that compose
the cable determining the current sharing regime and the generation of Joule
heat in addition to the external disturbances.

Depending on the heat balance between heat deposition and removal
through the convection and conduction heat fluxes or through cryogenic
systems, the conductor could recover to its initial temperature (and the
superconducting state) or could increase rapidly its temperature.

If the power balance is favourable for cooling, after 10 ms or 100 ms, the
material is recovered to its superconducting state and after 1 s or 10 s, the
coil recover its normal operating conditions.

In the negative event of power balance unfavourable, in the hot spot
are of the magnet, the initiation of thermal runaway determines the quench
propagation through conduction and convection. The normal zone propa-
gate throughout the coil causing the resistance to build up and the magnet
to quench.

An external quench protection system is included to protect the magnet
from disruption caused by the quench propagation. If a threshold voltage
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is exceeded, the quench protection system will detect the quench event and
the power supply is switched off. A resistance will close the coil terminals
in order to dissipate the magnetic energy stored in the coil. If the magnetic
energy is not extracted, the energy is converted into heat through the Joule
process determining the damage or even the disruption of the magnet.

If the protection and detection system fails the current behaviour in the
magnet will be determined only according to the internal resistance of the
conductor, the characteristic of the power supply and the coupling to the
other coils. Of paramount importance for the safety design of the coil and
of the protection system is therefore an appropriate and wide analysis of the
quench initiation and propagation.

1.3 Constitutive Laws of Superconductig Material

Since the discovery of superconductivity, during the decades, the scientific
community developed several relations for the characterization of the electro-
magnetic behaviour of superconducting materials. As presented by Pierluigi
Bruzzone in [42], the voltagecurrent (VI) characteristic of a bulk supercon-
ductor can be illustrated by a two-range plot with the first section as a
flat, zero-resistance line and the other section as a linear, resistive slope, as
shown in Figure 1.1. The change of slope in the Figure defines the transition
from the superconductors to the normal state and is defined as the critical
current Ic of the superconducting device. The slope of the curve above Ic is
determined on the base of the flux flow resistance, Rf , when the lattice of
the pinning center is no longer able to anchor the flux lines. A first theoret-

Figure 1.1: Ideal VI for a bulk homogeneous superconductor with linear flux flow range

ical dissertation of the VI for bulk superconductors was given in the 1967
by Jones et al. The authors related the local critical current distribution
f(jc) with the profile of the VI profile, leading to the basic formula for the
deconvulation by differentiation

∂2E

∂J2
= ρf f(jc) (1.1)

where E is the longitudinal electric field measured along the conductor.
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In the same years, Baixereas and Fournet [43] derived an analogous for-
mulation that derives from the analysis of pinning forces distribution during
ac losses.

On the other side, the scientific community proposed several empirical
fits for the electro-magnetic characterization of superconducitve materials.
The most commonly adopted empirical fit denominated “power law” was
proposed by Walter [44] in 1974 and was quickly adopted in US and Europe.

E = Ec

(
I

Ic

)n
(1.2)

where Ec is the critical electric field usually set to 10µV/m and Ic is the
current at the critical field.

At high level of electric field, the n-index shows an increase to higher
values. The behaviour is usually considered in literature as an evidence of the
self-heating of the sample [44]- [46]. At low value of electric field, the theory
predicts an exponential profile of the electric field [47]. The exponential
behaviour was experimentally confirmed for bulk material in [48] and in [49]
for monocore and multicore components.

A fitting formulation based on the exponential fit was proposed in [50].
The influence of the magnetic flux density, temperature and current on the
VI formulation is introduced by three increasing parameters T0, B0 and J0:

E = J ρn exp

(
T − Tc
T0

+
B

B0
+
J

J0

)
(1.3)

where Tc is the critical temperature and ρn is the normal resistivity of the
superconductor.

Recently, a modified formulation is presented in 2001 by Decroux et al
in [51] to compute the flux flow resistivity ρsuper (J, T ) in superconductive
material:

ρsuper (J, T ) = ρ0

(
J

Jc(T )
− 1

)n
(1.4)

where Tc is the critical current temperature, Jc(T ) is the critical current at
the temperature T , n the n-index of the power law and ρ0 the equivalent
resistivity at 2 Jc. The n-index and the equivalent resistivity at 2 Jc are
obtained through the characterization of the conductor. The interest of the
formulation defined as “percolation law” is the reduced number of parame-
ters that must be obtained through the characterization (Jc(77), n, ρw) and
the influence of these parameters in the studied range of temperature and
current densities.

In the years, the scientific community oriented frequently to the use of
the power law as a constitutive equation of the superconducting material.
The most of the quench models presented in the literature and analysed in
the following sections and moreover the models discussed in the chapters are
based on the power law as a constitutive law of superconductors.
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1.4 Quench Modeling: Analytical Methods

Thermal quench theory was developed by Vysotsky et al. in [14] and [52]
to analyse and study the quench development in superconducting high -Tc
materials of the first generation (BSCCO tapes). The theory was confirmed
by many experiments in [53] - [56] and uses the standard power law for
voltagecurrent (VI) of HTS superconductors. It was shown in [52] that near
the thermal quench current (TQC) Iq, analytical expressions could be found
for two cases. If I < Iq, the temperature stabilize at a level equal to Tq−Tf .
Whereas, if I > Iq, the temperature rises with strong acceleration after the
time tq [52] - [55] and [57] [58]. The following expression have been found
and discussed in [14].

Threshold thermal quench current Iq (TQC) can be computed as:

Iq
I0(T0)

=
n

n+ 1

[
hP (Tc − T0)

nE0I0(T0)

]1/(n+1)

(1.5)

where E0 is the critical electric field set to usual values of 1 or 0.1µV/cm.
The current I0 is the critical current, h is the heat transfer coefficient and
P the cooling perimeter, T0 the ambient temperature and Tc the critical
temperature.

Characteristic time of the quench development can be computed as

tq = th

(√
2Iq

| I − Iq | (n+ 1)

)
arctan

(√
Iq

2 | I − Iq | (n+ 1)

)
. (1.6)

Finally, the time evolution of temperature and electric field in HTS de-
vices is determined by the following relations:

if I > Iq
T (t)−Tq
Tf

=
E(t)−Eq

Ef
= tan

(
t−tq
tf

)
(1.7)

where the characteristic temperature and electric fields are:

Tq = T0 +
Tc − T0

n+ 1
, Tf = (Tc − T0)

√
2 | I − Iq |
Iq (n+ 1)

(1.8)

Eq =
h P Tc
I0(T0) n

, Ef = n Eq

√
2 | I − Iq |
Iq(n+ 1)

(1.9)

and the characteristic time is

tf = th

√
2Iq

| I − Iq | (n+ 1)
. (1.10)

In the relations, Tq is a characteristic temperature at which fast temperature
rise starts at time tq while tf is the time necessary to heat up a sample at

13



equilibrium temperature Tq − T if I < Iq [59]. The parameter th is the
characteristic thermal time expressed by

th =
C A

P h
(1.11)

where C is the volumetrically averaged heat capacity and A is the conductor
cross section area.

All the above expressions do not have adjusting parameters and were
extensively verified by experiments [52] - [56]. It was also shown that the
expressions 1.7 for I > Iq are universal and could be scaled for the widest va-
riety of superconducting applications made of BSCCO materials. In Fig 1.2
dependencies of dimensionless temperatures and voltages on dimensionless
time are shown for different superconducting devices.

However, in a real magnets cooling, VI and critical currents of the wind-
ing material are not uniform over the magnets volume. To handle such
cases, the analysis should start from the evaluation of the characteristic heat
length: lh =

√
Ak/Ph, that is the length through which the temperature is

changing along the winding [54]. As the heat conductivity is changing little
at temperatures of 2080 K, heat length is determined mainly by cooling con-
ditions. It was shown in [54] by comparison of estimated heat lengths with
winding characteristic sizes (experimental data were used), that in windings
cooled by cryocoolers their dimensions are smaller than the characteristic
length lh, at least up to 1 m wide windings. So, conduction cooled windings
can be considered as quasi-uniform with all parameters averaged along the
winding [52], [54], [56] .

Figure 1.2: Dimensionless temperature θ versus dimensionless time τ for experiments with
different objects [14].
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1.5 Quench Modeling: Equivalent Network Cir-
cuit Models

Several models have been developed within the scientific community to build
equivalent thermal and electrical network circuit models for the analysis of
electromagnetic and thermal behaviour of superconductive magnets. The
advantage of the equivalent circuit approach is the reduction of the degrees
of freedom and, accordingly, the computation burden during the simulation
activity. In opposition, the approach requires the determination of param-
eters like electrical or thermal contact resistances that are fundamental for
the correct modeling but not easy to be determined experimentally.

The first model to present is a computer code developed by Andy Gavrilin
et al. for the simulation of the normal zone propagation along winding turns
where the turn to turn transverse heat transfer is taken into account both
for LTS winding coils [60], [61], [62], [63] and for the analysis of quench in
the HTS-based 32 -magnet [64], [3], [5] at the National High Magnetic Field
Laboratories1.

The mathematical formulation reduces the governing 3D transient heat
balance equation to an equivalent set of coupled 1D equations. Each 1D
equation describes the heat balance in one turn with due regard to its ther-
mal coupling with the neighbouring turns. The formulation can be expressed
as:(
ACuCCu +ASC CSC +Ains

(
Cins + f γHeP CHeP

)) ∂T
∂t

=

∂

∂x

(
At kt

T

x

)
+AtQj +AtQAC +

4∑
i=1

Pi
δi
k

(ins)
i (Ti)

(
T i − T

)
+ P1(2)Qheater

(1.12)

where x is the coordinate along the spiral path following the superconduct-
ing tape axes in given pancake, T = T (x, t) the tape temperature, ACu
the tape copper matrix cross section area, ASC the cross section area of the
other materials of the tape, including hastelloy substrate etc.. The insulated
tape heat capacity also includes the heat capacity of helium in the winding
at constant pressure, f is the helium proportion of the insulation in terms
of volume. The helium density γHeP (T ) is considered temperature dependent
to mimic the helium vaporization process. The tape effective longitudinal
conductivity kt is considered as a function of the temperature T and mag-
netic flux density B(x, T ). The heating power density term includes the

1https://nationalmaglab.org/
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Joule heating and AC loss in the superconducting area, in detail:

AtQj +AtQAC = AtQJ (T (x, t) , I (t) , B (x, t)) +

AtQAC (T (x, t) , I (t) , B (x, t) , ·B (x, t)) (1.13)

The transverse thermal axial (disk -to -disk) and radial (turn -to -turn, within
a disk) links are computed introducing a thermal contact resistance Rc char-
acterizing the quality of the contact between the superconducting tape cop-
per matrix and the insulation. The heat flux density from the quench pro-
tection heaters Qheater(x, t) is also introduced if any.

In the modeling activity concerning the analysis of quench of the 32
T -magnet prototypes and the 32 T -magnet itself, the presence of an LTS
outsert is modeled based upon the same equations. In these cases, the circuit
equations are included to compute the damping of the current in the model.
In the following chapters, the results obtained through this code and the
quasi 3D FEM model presented in the present work are compared for the
R&D prototypes of the NHMFL and the 32 T-magnet itself.

More details about the model and its applications are discussed in [64],
[3] and [5].

A different model was developed by Wang Tao, Noguchi So et al. for the
analysis of transient behaviours of No -Insulation REBCO Pancake Coils.
The PEEC (partial element equivalent circuit) model takes into account of
the local turn -to -turn contact resistance, the VI characteristic, and the self
and mutual inductances of the local coil elements within the No -Insulation
(NI) winding to discuss the transient behavior in the NI coil in detail.

As known, a greater number of discrete elements results in a longer
computation time, although a higher accuracy is obtained. Owing to the
analysis efficiency enhancement in the PEEC analysis for sudden discharg-
ing, an No -Insulation pancake coil is subdivided into 18 azimuthal divisions
per turn and into 72 azimuthal divisions per turn for the PEEC -thermal
coupled analysis for overcurrent. The common PEEC model is shown in
Fig. 1.3.

The model, constructed on the basis of Kirchhoff′s first and second laws,
takes into account of the electrical resistances of the winding in the azimuthal
direction (Rθ) through the non linear VI characteristic and in the radial
direction (Rr) through a turn -to -turn contact resistance. Moreover the M
matrix that includes the self and mutual inductances of the partial elements
is introduced to compute the currents flowing in the azimuthal (Iθ) and
radial (Ir) directions respectively.

To investigate the transient behavior in detail during an overcurrent, it
is necessary to add a heat conduction analysis to the PEEC model to accu-
rately evaluate the thermal dependence of the physical parameters including
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Figure 1.3: Sample of the PEEC model of an NI REBCO pancake coil, which has 8
azimuthal divisions per turn [19].

the electrical resistance, heat capacity, thermal conductivity, and VI char-
acteristic in the local winding. The VI characteristic of a REBCO tape has
a thermal as well as a magnetic field dependence, the magnetic field was
computed through the Biot-Savart law and imported in the model. The
thermal conductivities in the azimuthal (λθ) and radial (λr) directions are
different because of the anisotropy of the insulated tapes.

The PEEC model is applied to the analysis of quench in No -Insulation
HTS coils. In detail, turn to turn contact resistance [20] and [22], current
behaviour [21], detection methods [23], quench protection [24], normal zone
transition [26] are discussed and analysed in literature.

A different thermal network model coupled with a Finite Element cou-
pled is presented by Janne Ruuskanen, Atti Stenvall and Valterri Lahtinen
in [69]. The model is applied to the analysis of quench on Feather-M0 magnet
(FM0) [70]. The magnet is wound with five turns of Roebel cable consisting
of 15 REBCO tapes. A FEM approach is used to solve the heat diffusion
equation for the 1D domain representing the center line of the cable. The
temperature is therefore assumed homogeneous in the cross -section of the
cable.

Heat flux between the cables is taken into account, in the simulations,
using the thermal network model. The interaction between the cable turns
is represented by a matrix D. This matrix adds the information about the
additional heat flux due to different turns, specifying how the elements are
thermally connected to ones in the neighbouring turns. In the case that the
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Figure 1.4: Top view: Depiction of the thermal network between the turns [69].

winding is made of only one layer, the matrix describe the heat flux between
the turns is in one plane. Taking a look at an element in the 1-D modelling
domain corresponding to the element ei (see Fig. 1.4) in the 3 -D domain,
the heat flux qi, to it from cable layers next to it is

qi = −ki
Ti − Tmin

∆r
− ki

Ti − Tjk
∆r

(1.14)

where k is the thermal conductivity, and ∆r the thickness, of the insulation
material between the cable turns. Furthermore, qi is integrated along the
width of the element ei using the basis functions for the varying temperatures
along the integration path in the involving elements. As a result of this
integration, one gets coefficients for every element node and they together
form the matrix D.

Further details about the quench and the detection analysis on the
Father-M0 magnet (FM0) carried out with the described model are dis-
cussed in [69].

In the frame of the design study of a 10 T REBCO insert solenoid, de-
veloped for the NOUGAT 2 project, F. Borgnolutti, A. Badel et al. built an
electric model of the whole HTS coil in order to understand and compare
the electrical and thermal response of the No -Insulation (NI) and Metal-
lic Insulation (MI) winding techniques to a sudden disruption of the power
supply [71]. As shown in Fig. 1.5a, each turn of the winding is modelled as
a wire loop made of an inductance (Li) in series with a loop resistance (Ri).
Practically, the loop resistance Ri is computed as the equivalent resistance
of the parallel circuit made of the superconducting tape, characterized by
the VI relation in the form of the power law with n = 20, and the resistance
of the substrate and copper layers. The dependence of the tape critical cur-
rent on temperature, transport current, magnetic field amplitude and angle
with respect to the c-axis is taken into account using the same characteri-
zation than in [72]. The turn-to-turn contact resistance is modelled with a
resistor (Rci). Its value is derived from a turn-to-turn resistivity equal to
110µΩ cm2 and 180 mΩ cm2 for the NI and MI winding, respectively. Re-
sistivity values were obtained from discharge experiment performed on NI

2http://www.agence - nationale -recherche.fr/Project - ANR - 14 - CE05 -0005
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(a) (b)

Figure 1.5: (a) Electrical model for an HTS double-pancake (in this example the pancake
is made of 2×3 turns). Subscript i stand for the i -th turn [71]. (b) Simplified electric
model of the HTS inset assuming that all the turns remain superconducting during the
discharge. L is the magnet self -inductance and Rt is the sum of all the turn -to -turn
resistances [71].

and MI pancakes [73] and [74]. The electric model also takes into account
the mutual inductance between turns and temperature-dependent material
properties. At the end of a time step the temperature of each turn is com-
puted assuming no heat exchange between turns. An adaptive time step
calculated as a fraction of the smallest time constant of the coil was used for
the simulation. The inter-pancake joint resistance is not taken into account
in the model.

In the event where all the turns remain superconducting during the dis-
charge, i.e., Ri = 0 for all i, then the whole coil model of Fig. 1.5a can be
reduced to the model of Fig. 1.5b where L is the total coil inductance, and
Rt is the sum of all the Rci [75]. The dump resistor Rd has the dual role
to extract energy from the coil so as to reduce the amount of energy that
is dissipated in the winding, thus lowering the hot spot temperature, and
to limit the inductive peak voltage which develops at the beginning of the
discharge. The latter is calculated as:

Vpeak = Rt In
1

1 + Rt
Rd

(1.15)

where In is the coil nominal current. The ratio between the energy dissipated
in Rd (QRd) and the total energy dissipated both in Rd and in Rt (QRt) is
given by:

QRd
QRd +QRt

=
1(

1 + Rd
Rt

) (1.16)
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The speed of the discharge is characterized by the time constant of the
circuit, which is computed as:

τ =
L

Rt

(
1 +

Rt
Rd

)
(1.17)

1.6 Quench Modeling: Homogenized Models

The models based on a homogenization technique of the different materials
that assemble a magnet allow to analyse large scale devices. As a matter of
fact, the discretization of a single component or layer of a device makes the
computational efforts exceedingly high. That disadvantage due to the use
of this approach is that a homogenized coil model ignores the distribution
of materials within the conductor and the magnet by considering only ef-
fective homogenized material properties. A model that homogenizes at the
conductor level preserves the turn -to -turn conductor/insulation geometry
but includes no details of the internal structure of the conductor. These
models are often coupled with electrical circuits to model the dynamic cur-
rent and the voltage changes during the process of quench detection and
protection. Due to the homogenization, however, they provide only rough
quench information and cannot evaluate phenomena within the conductor
itself.

Several research groups applied these methodologies. The models de-
veloped by Philippe Masson [38] at the CAPS (Center for Advanced Power
Sistem, US) and by Erkki Hato and Antti Stenvall et al. [39] [40] at the
Tampere Univeristy of Technology and at CERN are discussed in the fol-
lowing sections.

As presented by Philippe Masson et al. in [38], an equivalent electrical
resistance of the tape can be calculated. The current sharing is assumed to
take place as soon as the YBCO layer, carrying all the current, becomes more
resistive than the other layers. The transversal electrical resistances play an
important role at short timescales that are not relevant to the proposed ho-
mogenized simulation. Therefore, the global simulation assumes the current
to share based on the longitudinal values of the resistances of each layer and
will not capture small time constant phenomena. Moreover, each turn of
the coil is assumed to be perfectly electrically insulated using kapton film
and no current can flow directly from one layer to another. The equivalent
resistance along the tape can be calculated using a lumped-parameter equiv-
alent circuit. The homogenized electrical resistance can then be calculated
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Figure 1.6: Quench propagation in the racetrack coil [38].

as follows

RN =

∏N
i=1Ri∑N

j=1

(∏
k 6=j Rk

) (1.18)

The resistivity of YBCO is calculated using the equations in [77].
The model is implemented in the COMSOL Multiphysics environment

and applied for the study of quench on a racetrack coil that is conduction
cooled at 77 K from the inside wall. This type of coil could be used, for
example, in the rotor of a superconducting synchronous machine. More re-
sults about the quench analysis and the normal zone propagation velocity
in the racetrack coil described are discussed in [38].

A different model proposed by Etkki Harom, Antti Stenval et al. in [39]
and [40], is based on a FEM software built on top of the open -source Gmsh.
The software solves the heat diffusion equation where an anisotropic ther-
mal conductivity and a volumetric heat capacity are taken in account. The
Joule heat generation within the modelling domain was computed using the
formulation ρ || J ||2, where ρ is the effective resistivity of the cable and J
the current density. Effective resistivity can be computed by assuming the
materials of the cable as in parallel [78] and averaged over the volumetric
fraction of the material. The superconductor resistivity was computed with
the power law [79] - [80].

The model is applied for the calculation of the hot spot temperature [40]
and minimum quench energy [39] for the HTS coil named Father -M0 (FM0)
[70] and [81]. Father -M0 is the latest version of an HTS insert for future
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Figure 1.7: Modeling domain used for FEM simulations [40].

accelerator magnets in the EuCARD -2 project [70]. The FM0 magnet is
designed to have five turns of Roebel cable made from 15 12 -mm -wide
REBCO tapes. The inner diameter of the magnet is 20 mm, the outer
diameter is 25 mm, and the height is 12.2 mm. The operation current of the
magnet is 6000 A. The location of the hot spot temperature as discussed
in [40] is shown in Figure 1.7

1.7 Quench Modeling: Hierarchical Multiscale Mod-
els

As presented by Wan Kan Chan and Justin Schwartz, the hierarchical multi-
scale model described in [76] is based on an experimentally validated model
of quenching in a REBCO CC tapes previously reported in [82]. This con-
ductor model is an accurate micrometer -scale model that uses a mixed di-
mensional modeling approach to address the computational challenges of
modeling a high -aspect -ratio multilayer system. The model includes all of
the thin layers within a CC, including the REBCO layer, the thin silver and
the buffer interlayers, which are addressed with 2D equations and internal
2D boundary conditions (BCs). The remaining relatively thick layers, in-
cluding the stabilizer and the substrate, are modeled with 3D physics. The
interior BCs also couple the 2D and 3D physics. The model can calculate
the temperature and voltages within each layer as a function of location and
time during a quench and acurately predicts the quench behavior observed in
experiments, including the NZPV and the voltage and temperature profiles.
Because each layer is modeled without any averaging of material properties,
it is easy to model the effects of variations in architecture on the quench
behavior, as reported in [83]. The multiscale model described in [76] uses
the previously reported conductor model as its basic building block. Using
the conductor model throughout an entire magnet, however, would be com-
putationally prohibitive; hence the multiscale magnet model integrates the
conductor model with a homogenized model of the entire magnet. Within
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(a) (b)

Figure 1.8: (a) Cross -sectional schematic of a typical REBCO CC as used in the
model [82]. Starred layers are thin layers modeled with 2 -D physics; all other layers
are modeled in 3 -D [76]. (b) Schematic showing the cross section of a multilayer tape
module composed of five layers of CC [76].

the homogenized coil framework, one or more localized micrometer -scale
multilayer tape modules are embedded at particular locations of interest.
The locations of interest can be varied to account for location -dependent
effects such as cooling conditions, the dependence of the critical current den-
sity on magnetic field and its orientation, or regions where larger heat loads
are anticipated. For example, one localized multilayer tape module can be
placed at the edge of the coil and another module at the center of the global
homogenized coil. The multilayer module models a small section of the coil
in detail and is also built using a hierarchical approach by integrating and
coupling multiple single -layer CC tape modules that describe the behav-
ior within each layer of the REBCO CC. The single -layer CC modules are
separated by insulation layers that are also physically modeled.

The hierarchical multiscale approach is illustrated in Fig. 1.8a and Fig. 1.9.
Fig. 1.8a illustrates a cross -sectional schematic of a typical CC tape model
from [82], which is the fundamental building block of the model. These
are stacked to create the multilayer modules as shown in Fig. 1.8b. The
multilayer modules are then embedded in selected locations of an otherwise
homogenized coil model as illustrated by the example shown in Fig. 1.9.

The model is aimed at investigating quench behavior of a coil carrying
a direct transport current. In view of the slow NZPV in REBCO CC -based
coils, the slowly varying time -derivative term of the magnetic potential is
ignored, thereby decoupling the magnetic and electric potentials in Maxwell
equations. The governing thermal, electrical and magnetic equations for the
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Figure 1.9: Multiscale coil model composed of a homogenized coil, a copper plate, and a
localized embedded multilayer tape module. The inset shows a section of the multilayer
tape module whose cross section is illustrated in Fig. 1.8b. The arrow shows the direction
of the current flow in each turn. The current outflow ends of the tapes are located on the
symmetry plane. The current inflow ends are located at the other end of the multilayer
tape model. Not shown is the air region, which is a half -rectangle enclosing the half -
cylinder coil model, used for the magnetic field calculation [76].

3D domains are then

ρα (T )Cα (T )
∂T

∂t
+∇ · (−Kα (T )) = J ·E in Ωα (1.19)

∇ · (−σα (T )∇V ) = 0 in Ωα (1.20)

J = σα (T ) E in Ωα (1.21)

E = −∇V in Ωα (1.22)

∇× 1

µ0
∇×A = J in Ωα (1.23)

∇× 1

µ0
∇×A = 0 in Ωair (1.24)

The externally applied current is input via a normal flux BC imposed on
the current input end of the tape model.

The high-aspect-ratio thin layers, namely, the REBCO, silver, and buffer
layers, are modeled with 2 -D physics. On the REBCO layer, the thermal
physics is approximated with a 2D tangential equation and is discretized
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with 2D Lagrange finite elements. Similarly, the electric physics on the
REBCO layer is approximated by a 2D tangential equation [82]. Finally,
the electrical conductivity of REBCO is approximated by a nonlinear E -J
power law equation.

The mutilayer tape module is built by stacking multiple tape models
and/or configuring them side-to-side. Regardless of configuration, electrical
insulation separates adjacent tapes (Fig. 1.8b illustrates a stack of tapes).
The presence of electrical insulation between adjacent tapes is modeled with
the same techniques used for a single tape, as described in [82]. For example,
the insulation layers are modeled as two pairs of interior boundary conditions
BCs (as identity-pair BCs, similar to the implementations of the silver and
buffer layers previously mentioned), i.e. one for the thermal physics and the
other for the electric.
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Chapter 2

Analysis of Quench in the
R&D Prototype Coils for the
32 T Magnet: Prototype #1

2.1 Introduction

The 32-T all-superconducting user magnet system presently under test at
the National High Magnetic Field Laboratory (NHMFL), US [1], is com-
posed of two series-connected nested high-field HTS inner coils (insert) pan-
cake wound with SuperPower REBCO tapes and a low-temperature super-
conducting (LTS) outsert magnet composed of five coils broken in 17 electric
sections [1], [2]. More details about the magnet configuration and quench
tests are discussed in the chapter 4.

In the frame of the R&D activity for the 32-T magnet project, differ-
ent prototype coils are tested to analyse the quench initiation, propagation
and protection of the real 32-T magnet. The first prototype is a foretype
of the real insert of the 32-T magnet and in this chapter, an alternative
modelling technique is presented and applied to analyse the quench proto-
type, as discussed in [3]. The model describes the magnet structure with a
FEM approach, in which the magnet is split into its constituting pancakes
connected through lumped thermal resistances. Each pancake is modelled
by means of a 2D FEM-model approach, and its thermal evolution in time
during a quench affects the other pancakes by means of the thermal contact
distributed over the pancake interfaces. This modelling approach allows a
very significant reduction of computation time with respect to a fully 3D
computation.

In this chapter, the electromagnetic and electro-thermal stability is stud-
ied through a quasi 3D FEM model for the first prototype coils wound in
the frame of the 32-T magnet project. In the first prototype, heater spacers
located on the pancakes that assemble the prototypes are fired in quench
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Table 2.1:
GEOMETRIC PROPERTIES OF TAPE AND INSULATION

Tape geometrical properties

Thickness [µm] Width [mm]

Copper (bottom) 50 4.12 ± 0.02

Silver (bottom) 1.8 4.00 ± 0.01

Hastelly C276 50 4.00 ± 0.01

Buffer Layer 0.2 4.00 ± 0.01

REBCO 1.0 4.00 ± 0.01

Turn to turn insulation

Thickness [µm Width [mm]

Stainless Steel 25 4.01 ± 0.001

Sol -gel alumina 12 4.01 ± 0.001

case. An alternative modelling technique is delivered and applied to analyse
magnets wound with different pancakes connected in series.

The numerical simulations allow one to describe the main features of
the quench experiments, such as the increasing coil resistance due to the
expansion of a normal zone and the consequent damping of the prototype
magnet current. Moreover, the simulations clarify the contributions of the
various pancakes to the total coil resistance, showing the relative impact
of the magnetic field intensity, higher in the central pancakes, and of the
angle between the REBCO tapes and the field direction, which decreases
the critical current density, especially in the terminal pancakes. The model
finally gives an insight into the modes of propagation of the quench front in
the radial, azimuthal and axial directions during these quench tests.

2.2 Prototype Coil #1 and Experimental Test

Figure 2.1: Sketch of the complete NHMFL prototype coil with double pancake architec-
ture [1].
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Figure 2.2: Sketch of the simulated portion of the prototype coil: the magnetic field
and the heat distribution are symmetric with respect to the central heater spacer (heater
spacer 3).

Figure 2.3: Sketch of the cross section of the SuperPower SCS4050 tape used for the
NHMFL prototype (not in scale).

The NHMFL prototype coil consists of six double pancake modules,
sketched in Fig. 2.1 and in Fig. 2.2. Each module is made of about 244
turns of YBCO tape SCS4050 manufactured by Superpower Inc.. In this
configuration, shown in Fig. 2.3, the copper layer completely surrounds the
other tape layers. The main properties of the tape are reported in Table 2.1.
The turn-to-turn reinforcement is provided by stainless steel cowind (25 m),
and electrical insulation by a 6 m alumina layer per side [4]. The pan-
cakes are separated from each other with a G10 layer for electrical stand-off,
whereas the modules are separated with heater spacers [5] able to apply ex-
ternal heat disturbances to the coils. The main geometric properties of the
pancakes of the prototype coil are reported in Table 2.2. All quench tests
were performed at 4.2 K in self -field and in a background magnetic flux den-
sity of 15 T generated by a large bore resistive magnet of the NHMFL [6].
In the beginning of the quench tests, the prototype coil was energized up
to a 200 A constant current. In the quench experiments analysed here only
the heaters of the heater spacers 2, 3 and 4 shown in Fig. 2.2 were used.
For each heater spacer, two out of three heaters (see Fig. 2.4) were simulta-
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Table 2.2:
GEOMETRIC PROPERTIES OF THE PROTOTYPE COIL

Inner Radius [mm] Outer Radius [mm]

Free bore 0 17.4

SS bore tube 17.4 18.75

G -10 winding mandrel 18.8 20

Winding inner radius 20 70

SS Overbanding 70 71

neously fired with a variable current up to the value that drives the quench
of the prototype coil. The duration of the heater current pulses was set
to 0.8 s. After quench initiation, the coil energy was discharged across the
normal zones without energy extraction via external dump resistors. The
coil current and overall coil resistance were measured during the dump and
used for comparison with the results of the numerical model. Further details
on these experiments are provided in [1].

2.3 Model Description

The coupled thermal and electromagnetic model was developed with a FEM
approach in the COMSOL Multiphysics environment [7]. The constitutive
block of the model is a tape model previously developed and validated both
for individual tape and for cable analysis [8], [9]. The unknowns of the prob-
lem are the temperature and voltage over each pancake during the quench
development. The model consists of three main parts, namely the thermal
model, the electrical model and the computation of the magnetic flux den-
sity distribution over the prototype coil, which are described in detail in the
next sections.

2.3.1 Thermal Model

As already mentioned, the prototype coil consists of twelve pancakes ar-
ranged in an array of six modules. The winding made from the supercon-
ducting tape and alumina plated stainless steel strip is represented through
a single homogenous material, with anisotropic physical properties deter-
mined with a homogenization procedure.

Given the planar symmetry of the prototype coil with respect to its
central plane (see Fig. 2.2), only the six pancakes of the upper part of the
coil were described in the model. Moreover, since for each of the three heater
spacers used in the experiments only two heaters were fired simultaneously,
an additional symmetry condition for the problem can be applied to reduce
the number of degrees of freedom. The symmetry plane in this case is the
one in the middle angular position between heaters 1 and 3 (see Fig. 2.4).
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Figure 2.4: Picture of the three heaters mounted on each module: two of them are fired
in the quench tests analysed in this work. The quench development is symmetric with
respect to the axis reported in the plot.

Figure 2.5: This symmetry is represented by appropriate boundary conditions on the elec-
tromagnetic model as reported in the figure, where Jn is the component of the current
density vector orthogonal to the boundary surfaces. The points considered for the calcu-
lation of NZPV are located between the inner and outer radius of the pancake, at different
angles with respect to the horizontal axis.

The thermal model is based on the heat balance equations written un-
der the assumption that the temperature is uniform over the height of each
pancake. Each pancake is therefore treated as a 2D electrical and thermal
element, able to exchange heat with the adjacent pancakes by means of a
distributed thermal contact resistance related to the thermal barrier of the
G10 layer (RG10) and the interface resistance between the pancake and the
G10 layer (Rcz). No current transfer is allowed between pancakes, due to
the electrical insulation. A conceptual sketch of this modelling approach is
illustrated in Fig. 2.6. In the actual implementation in the COMSOL Mul-
tiphysics environment only one 2D pancake is modelled and discretized with
a mesh. At each mesh point, a set of heat balance equations is written for
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Figure 2.6: Conceptual sketch of the model of the various pancakes described as 2D ele-
ments connected via thermal distributed resistances. RG10 is the G10 thermal resistance
between pancakes which depends on the G10 layer thickness, Rcz is the thermal interface
resistance between each pancake and the G10 layer.

an array of temperatures at each mesh point representing the temperatures
of all pancakes at that location.

These equations account for heat conduction in the radial and azimuthal
directions in the 2D plane of each pancake, heat conduction in the axial di-
rection towards adjacent pancakes, heat generation from the Joule effect,
and external power deposition from the heaters. The equations can be writ-
ten as follows for the i -th pancake (i = 7, .., 12):

ρCp (Ti(x, y, t))
∂Ti(x, y, t)

∂t
−∇ · (K (Ti(x, y, t))∇Ti(x, y, t)) =

= σ (Ti(x, y, t), Bi(x, y, t), Ei(x, y, t)) · ∇Vi(x, y, t) · ∇Vi(x, y, t) +

+Qzi (x, y, t) +Qheateri (x, y, t) (2.1)

where Ti(x, y, t)[K] is the temperature in the i -th pancake as a function
of the position in the pancake plane, ρ(kg/m3) the homogenized density,
Cp(Ti)[J/(kgK)] the temperature dependent homogenized specific heat, K(Ti)
the tensor of anisotropic thermal conductivity, σ(Ti, Bi, Ei) the tensor of
anisotropic electrical conductivity as a function of temperature Ti, magnetic
flux density Bi and electric field Ei, Vi is the electric scalar potential in
the i -th pancake. In the heat balance equation system, the axial thermal
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exchange between the i -th pancake and the two adjacent pancakes is con-
sidered:

Qzi (x, y, t) =
Ti+1(x, y, t)− Ti(x, y, t)

VP

(
Ri,i+1
G10 +Rcz

) − Ti(x, y, t)− Ti−1(x, y, t)

VP

(
Ri,i−1
G10 +Rcz

)
where VP is the pancake volume, RG10

i,i−i is the G10 thermal resistance between
pancakes i and i1, which depends on the G10 layer thickness, Rcz is the
thermal interface resistance between each pancake and the G10 layer.

The heater pulse power Qheateri (x, y, t) is input only on the pancakes
where the heaters are fired and only on a 55◦ sector angle area corresponding
to the heater surface. Since a part of the heater power does not actually
enter the pancake, only a fraction of the total power was taken as an input.
The effective heat flux from the heater was calculated beforehand using a
detailed model [10] and was slightly modified by a fitting of the experimental
data. The selected fraction is about 90% of the computed heater pulse

As boundary conditions of the problem, adiabatic conditions are assumed
at the external surfaces. This choice is motivated by previous analyses re-
ported in [1]. As a matter of fact, a helium bubble formation may signifi-
cantly hinder the heat exchange to liquid helium, with a strong reduction of
the heat transfer coefficient. This bubble formation is due to the fact that
the peak field field-gradient product (BzdBz/dz) can exceed the limit for
trapping helium gas (2100 T2/m1) [11].

As for the initial conditions, a uniform temperature distribution set to
4.2 K was assumed for the whole prototype coil.

2.3.2 Electric Model

The electromagnetic model of the coil is based on the current density con-
tinuity condition:

∇ · Ji = 0 (2.2)

where Ji is the current density vector in the i -th pancake. As for the thermal
model, the equation is solved for an array consisting of the current densities
in each pancake as components.

The current density continuity conditions have been implemented in the
FEM model, setting one for each pancake-i (i = 7,.., 12):

∇ · (−σ(Ti(x, y, t), Bi(x, y, t), Ei(x, y, t))∇Vi) = 0 (2.3)

where σ is the 2D anisotropic homogenous electrical conductivity of the
winding.

Boundary conditions of the electric problem are illustrated in Fig. 2.5.
A zero voltage Dirichlet condition is applied to the inlet terminal of the coil.
A uniform current density is imposed at the outlet terminal. A null current
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density along the normal direction is imposed on all the other coil external
surfaces. The adjacent pancakes are also electrically insulated with the G10
plates, so that no current flow is allowed in the model in axial direction.

2.3.3 Magnetic Flux Density Calculation

The calculation of the magnetic flux density generated by the prototype coil
(self field) and by the large bore resistive magnet of the NHMFL (background
field) were computed through a 3D semi-analytical approach [12]. The total
magnetic flux density is axially symmetric with respect to the prototype coil
axis. The radial and axial components of the magnetic flux density vector
were computed at each point of the mesh in the finite element discretization
during the simulations. The magnetic flux density depends on a constant
component related to the background field and a coil current dependent
component related to the self-field:

Br
i = bri (xi, yi) Icoil +Br

i,ext ∀i = 7, · · · , 12 (2.4)

Bz
i = bzi (xi, yi) Icoil +Bz

i,ext ∀i = 7, · · · , 12 (2.5)

The coefficients bri and bzi were computed before the dynamic simulations for
each mesh point with an unit current flowing in the coil, and then utilized
to determine the field and field angle dependent critical current density
during the time dependent simulations. As shown in Fig. 2.7, the tape
critical current exhibits a strong dependence on the angle θ (see Fig. 2.2)
between the magnetic flux density vector and the c-axis [13]. Thus, the tape
orientation with respect to the magnetic field has to be taken into account
in full. Due to geometric tolerances and the non-perfectly rectangular cross
section of the tape, its c-axis may not be perfectly perpendicular to the
axis of the prototype coil. Thus, in the calculation of the angle between the
c-axis and the field a tilt angle correction parameter was introduced [10].

Figure 2.7: Dependence of the YBCO tape critical current at 4.2 K on the field angle with
the tape c -axis..
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2.3.4 Coil Constitutive Law

In order to close the system of equations required to describe the whole
prototype coil during a quench, the constitutive law of the coil itself has to
be taken into account. As a matter of fact, the resistance of the normal zone
determines the damp of the coil current during the quench development. The
coil constitutive law in the frame of a lumped parameter circuit model is
given by the following equation:

Vterm = RjointIcoil(t) +RNZIcoil(t) + L
dIcoil
dt

(2.6)

where L = 0.44 [H], is the prototype coil inductance; Vterm = Rjoint ·Icoil(t =
0s), is the overall voltage of the coil, which is kept constant during the
quench; RNZ is the total resistance of the prototype coil, given by the sum
of the resistances of the normal zones developed in each pancake. This
resistance is computed at every time step through a numerical integration
of the following equation:

RNZ(t) =
4

I2
coil(t)

12∑
i=7

∫
Vi

Ei(x, y, t)Ji(x, y, t)dVi (2.7)

where Vi represents the part of the i -th pancake represented in the 2D model,
and the factor 4 accounts for the fact that only 6 out of 12 pancakes are
modelled and that only a half of each pancake is discretized for the above-
mentioned symmetry conditions.

2.3.5 Homogenization Procedure

A non-linear power law is introduced as a constitutive electric characteristic
for the superconducting layer. The critical surface of the superconducting
YBCO layer as a function of temperature, magnetic flux density and field
angle is described through the parameterization provided in [13].

To avoid discretizing each layer of the tape, a homogenization procedure
is applied to calculate the longitudinal (in the azimuthal direction) and
transverse (in the radial direction) components of the anisotropic electrical
and thermal conductivities [9], [14], [8]. As for the longitudinal direction,
all the tape layers are assumed to be in parallel. The electric field is taken
uniform over each layer of the YBCO tape, and

Ec

(
IY BCO(x, y, t)

Ic (T (x, y, t), B(x, y, t), E(x, y, t))

)n
=

=
Icoil(t)− IY BCO(x, y, t)∑

j,
i 6=k

σj (Tj(x, y, t), Bj(x, y, t), Ej(x, y, t))Sj
(2.8)
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where Icoil is the prototype coil current, IY BCO is the current in the YBCO
layer and Ic its critical current, σj the electrical conductivity of the j -th
layer of the superconducting tape as a function of temperature, magnetic
flux density and electric field, Sj is the surface of the j -th layer. The sum
is extended to all the tape layers except the k -th one corresponding to the
YBCO.

A homogenized longitudinal (azimuthal) conductivity is therefore com-
puted for the i -th pancake as:

σhomi (Tj(x, y, t), Bj(x, y, t), Ej(x, y, t)) =
Icoil(t)

(
∑

i Si)Ei(x, y, t)
(2.9)

where σhomi is the homogenized longitudinal electrical conductivity of the
i -th pancake.

Since the turns are electrically insulated from each other by the alumina
layers, the electrical conductivity of the homogenous material is taken ex-
tremely low (10× 10−8 S/m) in the radial direction (homogenized transverse
electrical conductivity).

A similar procedure is adopted for the calculation of the homogenized
thermal conductivities in the azimuthal and radial directions. The thermal
resistances are assumed to be in parallel to calculate the longitudinal ho-
mogenized thermal conductivity and in series for the homogenized transverse
one. In the calculation of the longitudinal homogenized thermal conductiv-
ity, the stainless steel layer of the co-wind was taken into account, whereas
the alumina layers were neglected due to their low thermal conductivity.
The alumina layer was taken into account in the calculation of the trans-
verse thermal conductivity only.

The magnetic field and temperature dependent material properties used
in the homogenization procedure are taken from [15] and [16].

2.4 Results of Quench Analysis

The model presented was applied to the analysis of temperature, magnetic
flux density, coil current and resistance evolution during the quench tests of
the NHMFL prototype coil.

In the simulation results presented here, pulses of the heater current up
to maximal values of 14 A, 16 A and 19 A were considered, with a total
duration of about 0.8 s. The total simulation time was set to 3 s. The total
computation time for one simulation is about 20 h on a workstation with 64
GB RAM and 2.3 GHz processor.

The profiles of the corresponding heater currents are plotted in Fig. 2.8.
The comparison between experimental and numerical results was consid-
ered to set the value of the two free parameters of the model, namely the
axial thermal interface resistance between adjacent pancakes, and the tilt
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angle correction between magnetic field vector and the tape surface. The dis-
tributed axial thermal interface resistance Rcz was set to 10× 10−2 m2K/W,
and the tilt angle to 2◦.

Figure 2.8: Time evolutions of the heater currents for the pulses with 14 A, 16 A and 19 A
maximal current. The pulse duration is set to 0.8 s.

2.4.1 Temperature Evolution

Figure 2.9: Evolution of the hot spot temperature of pancakes 7, 8, 9, 10, 11, 12 during
the quench with 16 A heater pulse current.

The evolution of the computed hot spot temperature of each pancake
during the quench is shown in Fig. 2.9. It is worth noting that the peak
temperature in each pancake has a similar initial growth during the external
heat pulse for the two groups of pancakes (7, 8, 9) and (10, 11, 12), with the
first group reaching higher temperatures. Before the end of the external heat
pulse, about 0.4 s, the temperature of pancake 8 rises to significantly higher
temperatures than that of the other pancakes. The maximum temperature

42



Figure 2.10: Temperature distribution over pancake 8 during the quench test with a 16 A
heater current pulse at various time instants: 0.8 s (end of the pulse), 1.5 s, 2.0 s, 3.0 s.

of the hot spot in pancake 8 reaches over 150 K. Pancakes 10, 11 and 12
exhibit a similar behaviour, with hot spot temperatures that steadily in-
crease up to about 15-18 K at the end of the simulation. The fact that these
pancakes reach lower peak temperatures is related to the indirect heating
through conduction from the other pancakes, since in this specific quench
test the heaters in heater spacer 1 are not fired. As a matter of fact, other
simulations performed with heater 1 on (not reported here) give higher peak
temperatures in pancake 11 than in all other pancakes.

The spatial evolution of the temperature distribution for pancake 8 is
shown in Fig. 2.10 at different time steps, namely at the end of the pulse
(0.8 s) and at selected time instants during the simulations (1.5 s, 2.0 s, 3.0
s). The pancake region included between two out of three heaters (which for
symmetry condition is located close to the x-axis) is the one that reaches
the highest temperatures during the quench. To compare the evolution of
the temperature of pancake 8 to that of the other pancakes, the temper-
ature distribution in all pancakes at t = 1.5 s is shown in Fig. 2.11. As
already mentioned, pancakes 7, 8, and 9 at the centre of the prototype coil
exhibit higher temperatures than pancakes 10, 11, 12 at the top of the coil.
The temperature distribution on pancakes 10-12 is rather uniform, whereas
large gradients can be observed for the temperature distribution over pan-
cake 8. Further stress analysis is required to determine the impact of these
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Figure 2.11: Temperature distribution over all simulated pancakes (7 through 12) at t
= 1.5 s during the quench test with a 16 A heater current. The highest temperature is
reached on pancake 8.

temperature gradients, which is beyond the scope of this work.

2.4.2 Magnetic Flux Density and Field Angle

During the quench tests, the damping of the coil current affects the magnetic
field profile over the winding and consequently the critical current density.
The distribution of the magnetic flux density over pancake 7 is presented
in Fig. 2.12 at the time instants 0.1 s, and 2.0 s. As for the angle between
the magnetic flux density vector and the tape c-axis, the largest deviation
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Figure 2.12: Distribution of the magnetic flux density on pancake 7 during the quench
test with a 16 A heater current at (a) t = 0.1 s and (b) t = 2.0 s.

Figure 2.13: Distribution of the field angle on pancake 12 during the quench test with a
16 A heater current at (a) t = 0.1 s and (b) t = 2.0 s.

from a 90 angle can be observed on pancake 12. The field angle evolution
on pancake 12 during quench is presented in Fig. 2.13. The effect of ac-
tual field angle values with due regard for the coil actual layouts on the
quench behaviour analysis results is a very delicate and extremely impor-
tant matter that we tried to show and underline in this work. Further, more
detailed study is required to clarify the effect to more extent and proceed
with generalizations and recommendations.

2.4.3 Comparison between Numerical and Experimental Re-
sults

The evolution of the resistance of all pancakes during quench is shown in
Fig. 2.14 where the overall resistance of the coil is also presented. The re-
sistance of pancakes 7, 9, 10, 11, 12 are much smaller than that of pancake
8 due to the different evolution of the normal zones in the various pancakes
discussed in Section 2.4.1. The total computed resistance of the prototype
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Figure 2.14: Contribution of the resistances of individual pancakes 7 through 12 on the
total prototype resistance during the quench test with a 16 A maximal heater current (the
arrows indicate the reference y-axis corresponding to each curve). During the analysed
quench, the resistances of pancakes 10, 11, 12 are negligible

Figure 2.15: Comparison of computed (R coil sim.) and measured (R coil exp.) prototype
coil overall resistance during a quench with 16 A maximal heater current. Rcz is the
thermal interface resistance between each pancake and the G10 layer. The coil currents
refer to the primary axis; the coil resistances refer to the secondary y-axis.

coil practically corresponds to that of pancake 8. This simulated resistance
compares well with the one calculated from the coil current and voltage mea-
surements taking into account the coil inductance value. However, some de-
lay between the rising of the experimentally obtained resistance and that of
the numerical one can be observed in Fig. 2.14. The impact of the variation
of the Rcz parameter is shown in Fig. 2.15 by a comparison of the computed
and measured overall resistance of the prototype coil. Increasing the value
of this parameter from 0 to 10× 10−2 m2K/W determines a different reduc-
tion of the normal zone during the coil current decay process. The overall
coil resistance decays more slowly in the simulation performed accounting
for the non-zero Rcz resistance than in the simulation performed neglecting
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it. The contact thermal resistance is a free parameter of the model. It is one
of the possible ways to handle imperfection of the transverse contacts. Its
advantage is that it has a physical meaning. The actual values of Rcz to be
used depend on a number of factors, such as the pancake side surface flat-
ness and quality, the clamping pressure and its distribution over the pancake
surface, etc. What values (low or high) are preferable is not fully clear yet,
and certainly, it is not univocal. This parameter is likely determined by the
quench heaters’ characteristics (the size and heating power and duration)
and seems to be rather specific to a particular magnet design. As a conse-

Figure 2.16: Comparison of measured and computed prototype coil currents during the
quench tests with 14 A, 16 A and 19 A maximal heater currents.

quence of the normal zone propagation, the prototype coil current decreases
in time. The measured current decay is compared in Fig. 2.16 with the re-
sults of simulations for three different pulses of the heater current, reaching
the maximal values of 14 A, 16 A and 19 A. The same values of parame-
ters obtained for the simulations with a 16 A maximal heater current were
adopted in the simulations with maximum heater currents of 14 A and 19 A,
obtaining a good agreement in both the cases. The already mentioned delay
in the development of the normal zone in the numerical computation with
respect to the experimental results determines some delay of the damping
of the computed coil current with respect to the measured one.

2.4.4 Normal Zone Propagation Velocity

In order to analyse the propagation of the normal zone, the temperature
evolution at different locations on the prototype coil was compared to the
local value of the current sharing temperature. The analysis was focused on
pancake 8 due to its significant contribution to the total normal zone resis-
tance. The calculation points are located at the average distance between
the inner and outer radius of the pancake, at different angles α (90◦, 85◦,
80◦, 75◦, 70◦, 65◦, 60◦, 55◦, 50◦, 45◦) with respect to the x-axis (see Fig. 2.5).
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The current sharing temperature (see Fig. 2.17) exhibits the same value in

Figure 2.17: Evolution in time of the current sharing temperature at selected locations
of pancake 8 during the quench test with 16 A peak heater current. The current sharing
temperature increases due to the drop of the self-field during quench.

Figure 2.18: Temperature evolution at the selected locations of pancake 8 (see figure
4(b)) during a quench test with 16 A peak heater current. The normal zone propagation
velocity (NZPV) is defined here as the velocity of propagation of the front at which the
temperature equals the current sharing temperature.

all these positions, since the magnetic field intensity and angle with respect
to the tape c-axis is assumed to be the same. The comparison between the
computed temperature at these locations and their common current sharing
temperature is plotted in Fig. 2.18. Since the current sharing temperature
varies with position and in time during the simulation, a definition of the
Normal Zone Propagation Velocity (NZPV) is not trivial. The NZPV is
computed here as the propagation velocity of the front at which the tem-
perature corresponds to the current sharing one. The ratio between the
distance of the computation points and the time interval of the quench front
propagation determines the value of the NZPV. This intersection occurs at
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the current sharing temperature values in a small range of 1 K around 31 K,
so that the difference in the current sharing temperature does not affect
practically the quench propagation velocity calculation results. The calcu-
lated values of NZPV are in the range from 9 to 15 cm/s, with an average
value of about 12 cm/s, which is similar to the values presented in [9] [17].
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2.5 Conclusion

A novel approach to the analysis of quench in HTS REBCO coils made
of multiple pancakes was developed in the framework of a quasi-3D FEM
model. Instead of applying a fully 3D model, this approach is based on the
connection of several pancakes described with a 2D electro-thermal nonlinear
FEM model through distributed thermal resistances in the axial direction.
No electrical connection between different pancakes is modelled given their
electrical stand-off. The winding material is described as a homogenous ma-
terial with anisotropic thermal and electrical conductivities that accounts
for the intrinsic anisotropy of the superconducting tape, the impact of the
turn-to-turn insulation on the thermal resistance. The homogenization pro-
cedure adopted was previously validated both for individual tapes and for
stacks of tapes in superconducting HTS cables.

The model developed accounts for all the main physical phenomena oc-
curring during a quench in the coil, including the temperature dependent
properties and the impact of the variable temperature, magnetic flux density,
field angle on the superconductor critical current.

The model was applied to analyse quench experiments performed on a
prototype coil developed at the NHMFL in USA in the framework of re-
search activities launched for the manufacturing of a fully superconducting
32 T magnet. The main features of the experimental results can be satis-
factorily described by the model. The computed and measured prototype
coil currents and total resistances during quenches are in good agreement
for different quench tests, thus confirming the validity of the proposed ap-
proach. The simulation results show the relative impact of the resistances
developed in the normal zone of each pancake on the overall coil resistance
and quench behaviour, which is a relevant information to detect the most
critical pancakes and locations in the coil. The model also gives an insight
into the features of a normal zone propagation in the coil that occurs at
average velocities about 0.12 m/s.
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Chapter 3

Analysis of Quench in the
R&D Prototype Coils for the
32 T Magnet: Prototype #2

3.1 Introduction

In the previous chapter, the first prototype composed by 12 REBCO pan-
cakes is studied during quench initiation and propagation as a foretype of
the 32 T magnet insert composed of two coils and 120 pancakes [1], [2]. In
the 2015, as a part of the research activity for the 32-T magnet developed at
the NHMFL, HTS insert dual-coil prototypes have been tested in the LTS
outsert, mimicking the design magnet operation and quench behavior. The
tests on the coupled insert/outsert system were performed at 4.2 K, using a
set of custom-made quench protection heaters to be employed in the actual
insert.

In this chapter, we describe the coupled electromagnetic-thermal numer-
ical model presented in [3] and we apply it to analyze the dual-coil insert
prototype, assembled from two coaxial nested HTS coils of equal length and
introduced into the multicoil LTS outsert bore. Since the development of a
complete 3D model of the system of multiple insert and outsert coils would
require a huge computational effort, in this chapter, we followed a reduced
dimensionality approach introduced in [4], based on the quasi-3-D model
described in the chapter 2. The presence of a double coil composed of 24
pancake and the requirement to couple the HTS insert with the LTS outsert
imposed to reduce the degrees of freedom to limit the computational effort.
The model described in the previous chapter is therefore adjusted and the
current density continuity condition presented in section 2.3.2 is not solved
for the study of the second prototype here discussed. The insulated struc-
ture of the prototype nevertheless allows the computation of the terminal
voltage of each pancake of the insert during the experimental quench test.
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The six modules (i.e., 12 pancakes) which compose each of the two insert
coils are discretized as 2D elements with a FEM model implemented in the
COMSOL Multiphysics environment [5]. The thermal model allows one to
account for the inductive coupling of the two series-connected HTS insert
coils and for their mutual interaction with the LTS outsert. Therefore, the
model permits accounting for variations of the outsert transport current in
time, which occur when a real quench in one of the LTS outsert sections
triggers an action of the quench protection system.

In the modeling of devices made of (hundreds of) meters of 2G REBCO
tapes, a parameterization of the superconducting layer critical surface is
usually adopted, albeit remarkably complicated. In some cases, the cor-
responding parameters are derived from measurements performed on short
samples, with typical lengths in the range of 5 to 20 cm [6], [7]. However,
remarkable inhomogeneities of the critical current have been observed along
the tapes [8] [9], which may affect the magnet quench behavior and the in-
sert protection system efficiency. In this chapter, those inhomogeneities have
been simulated by means of correction factors used as fitting parameters.

The model developed has been applied to the analysis of the normal
zone resistances in both HTS insert prototype coils and of the temperature
evolution during the quench tests. A comparison of numerical and exper-
imental results is presented concerning both the currents in the HTS coils
and the terminal voltages of the outsert modules. An interesting aspect of
the mutual inductive interaction between the insert and outsert coils is the
energy exchange between these two coil systems. The simulations enabled
us to quantitatively assess the extent of this energy exchange, and to com-
pare it to the energy dissipated in the normal zones due to the Joule losses
in these resistive regions.

3.2 Prototype Coil #2 and Experimental Tests

Figure 3.1: Illustration of the cross section of the SuperPower SCS4050 tape used for the
NHMFL prototype (not in scale).

As anticipated in the introduction, the quench tests were performed on
a REBCO insert prototype manufactured by the NHMFL. The prototype is
comprised of two short nested coils wound with Super Power REBCO tape.
The tape structure is explained in Fig. 3.1; the main geometrical parameters
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Figure 3.2: Structure of the two insert HTS coils introduced in the bore of the NHMFL
multisection LTS outsert. The heater disks containing various seriesconnected heater
elements are located between the different insert coil modules and are fired simultaneously
for quench initiation.

Figure 3.3: Illustration of the two HTS inserts and the LTS outsert [8].

of the tape and its insulation, representing sol-gel alumina plated stainless
steel thin strips, are reported in Table 3.1. The two insert coils are made
of twelve pancakes each, paired in six modules, as shown in Fig. 3.2. The
prototype is in effect distinguished from the actual insert by the number
of modules only: the prototype coils are much shorter than those of the
actual insert. The electrical insulation between pancakes is provided by G-
10 sheets. The main properties of the inner and outer coils of the insert
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prototype, indicated here as coil 1 and coil 2 respectively, are reported in
Table 3.2. The heaters used to initiate a protected quench are composed of
seriesly- connected heater elements embedded between thin G-10 and kapton
disks (Fig. 3.4). In particular, three heater elements are used on each heater
disk in coil 1 (the inner coil), whereas eight heater elements are installed on
each disk of coil 2 (the outer coil). Five heater disks are introduced between
the six modules of coil 1, respectively; coil 2 is manufactured with the same
configuration. The magnet system is a pool-cooled one at 4.2 K, the insert
and outsert are designed to be energized independently, using individual
power supplies.

Figure 3.4: Illustration of the NHMFL HTS insert double coil with indication of the
heater elements. (a) Three equally spaced heater elements are located on the inner coil,
whereas eight heater elements are used to initiate quench in the outer coil. (b) Detailed
configuration of the heater layers [8].

The LTS 5-coil outsert, manufactured by Oxford Instruments, is divided
electrically into seventeen sections (for quench protection purpose), and it
can be separately discharged to outer dump resistors in the case of a quench.
The LTS outsert is equipped with an active quench protection system that
intervenes after detecting two subsequent events. The terminal voltage on
one of the outsert sections should exceed a given threshold voltage (+/- 8
volts) and, after that, the voltage on one of the sections should exceed (-/+
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Table 3.1:
GEOMETRIC PROPERTIES OF TAPE AND INSULATION

Tape geometrical properties

Thickness [µm] Width [mm]

Copper (bottom) 50 4.12 ± 0.02

Silver (bottom) 1.8 4.00 ± 0.01

Hastelly C276 50 4.00 ± 0.01

Buffer Layer 0.2 4.00 ± 0.01

REBCO 1.0 4.00 ± 0.01

Turn to turn insulation

Thickness [µm] Width [mm]

Stainless Steel 25 4.01 ± 0.001

Sol-gel alumina 12 4.01 ± 0.001

Table 3.2:
GEOMETRIC PROPERTIES OF THE HTS INSERT

Inner Outer Number of

Radius [mm] Radius [mm] turns/pancake

Coil 1 20 70 203

Coil 2 80.4 117.8 152

8 volts). In this case, the quench protection system is triggered; otherwise
the “signal” is reckoned as a too weak or false one and the system does not
react.

Different quench tests were performed particularly by firing simultane-
ously all the heater elements of all the heaters in both insert coils. Two
quench experiments are analysed in this work, representative for the two
cases of technical interest without intervention and with intervention of the
outsert quench protection system (see Table 3.3). In the first test case,
the HTS insert is energized with a 173 A transport current, while the LTS
outsert transport current is set at 134 A. In these conditions, as can be
inferred from Fig. 3.5, the magnetic flux density on the insert coil is in the
range from 5 T to 16.1 T. The quench in the insert is initiated by a 19 A
current pulse in the heaters. The pulse has a shape close to a rectangular
one in time and lasts about 1.5 s. In this experiment the quench protection
system does not intervene, since the induced voltages do not overcome the
threshold value mentioned above. The transport current in the outsert cir-
cuit therefore is kept constant during the quench in the HTS insert. The
development of normal zones in the insert coils causes the appearing and
consequent increasing of the insert resistance, which in its turn determines
the insert transport current decay rate.

In the second test case the HTS insert is initially energized with a 222 A
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Table 3.3:
PROPERTIES OF EXPERIMENTAL QUENCH TESTS

Quanch case #1 Quanch case #2

Insert current 173 A 222 A

Outsert current 134 A 214 A

Energy 1.75 MJ 4.38 MJ

Figure 3.5: Magnetic flux density modulus distribution on the pancake 6 of the insert; the
highest field is found on the inner coil 1.

transport current, while the LTS outsert initial current is set at 214 A. The
quench in the insert is initiated by the same type of heater current pulse
applied in the previous experiment, with an effective current value of 19 A.
In this test, the induced voltages in the outsert meet the threshold criterion
for activating the quench protection system that ends up triggering the
outsert fast discharge. The currents in the 17 sections of the outsert are
therefore variable during this test; their evolutions in time are plotted in
Fig. 3.6.

3.3 Model Description

An electrothermal quasi -3 -D FEM model for the quench analysis of the HTS
coils is coupled in this chapter with a lumped parameter electrical circuit
that describes the mutual inductive coupling between the dual coil insert
and the multisection outsert. The unknowns of the problem are the tem-
peratures at each mesh node of both the HTS insert coils and the transport
current in the insert. Only the insert geometry is directly implemented in
the FEM electrothermal model and discretized, since the impact of the mul-
tisection outsert coil is accounted for through the circuit model mentioned
above. Both the electrothermal model and the lumped parameter circuit
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Figure 3.6: Current profile in the various sections of the outsert magnet in the second
quench test case with 222 A in the insert and 214 A in the outsert.

are described in detail in the next sections.

3.3.1 Thermal Model

The superconducting tape and its insulation are represented through a ho-
mogeneous material with anisotropic physical properties. The homogeniza-
tion procedure applied enables one to determine longitudinal and transverse
electrical and thermal conductivities. The electrical conductivity in the az-
imuthal direction is calculated as a function of the position, magnetic field,
and temperature, assuming all the tape layers to be in parallel and the
nonlinear power law is introduced as a constitutive characteristic of the su-
perconducting layer. Under these assumptions, the current sharing between
the REBCO and the other layers is taken into account. As a matter of
fact, the increasing temperature in the pancake decreases the critical cur-
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Figure 3.7: Conceptual scheme of the quasi-3-D FEM model implemented in COMSOL
Multiphysics.

rent density in the REBCO layer, thus decreasing the current flowing in
this layer under the assumption of equal longitudinal electric field between
the superconducting and normal layers. In the homogenized approach, this
determines a variation of the equivalent electric conductivity of the homog-
enized material, which in turn determines a change in the computed Joule
heating power. The homogenized electrical conductivity in the radial direc-
tion is set to an extremely low value, since the turns are electrically insulated
owing to the presence of alumina coating of the steel strips.

The quasi-3-D FEM approach is based on the assumption that the tem-
perature is uniformly distributed along the axial direction of each pancake.
All the pancakes of the insert coils can, therefore, be modeled as 2-D ge-
ometrical elements. The various electrically insulated pancakes can then
exchange heat through a set of distributed thermal resistances. Given the
symmetry conditions of the pancake geometry and of the heaters configu-
ration, the 2-D mesh only covers half of the pancake surface, as shown in
Fig. 3.7. At each point of the mesh, a set of heat balance equations is writ-
ten for the array of temperatures Ti(x, y, t), i = 1, ...12, corresponding to the
time t and to the position of the i -th pancake given by the coordinates x, y.
A detailed description of the thermal model is provided in [4].

Adiabatic boundary conditions are applied onto the external surface of
each coil and a uniform temperature distribution over both insert coils at
4.2 K is assumed as the initial condition.

Calculation of the magnetic flux density generated by the HTS insert
and the LTS outsert are performed through a 3-D numerical method [8].
The total magnetic flux density is axially symmetric with respect to the
insert axis. The radial and axial components of the magnetic flux density
vector are computed at each point of the 2-D mesh and at each time step
during the simulations.
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Figure 3.8: Sketch of the lumped parameter circuit of the inductively coupled insert-ousert
magnet system.

3.3.2 Insert-Outsert Inductive Coupling Model

The operation current Iop in the HTS insert is obtained from the solution of
the lumped parameter circuit model describing the mutual induction cou-
pling between the insert and the outsert (see Fig. 3.8):

Vt(t) =
(
Rcoil1NZ (t) +Rcoil2NZ (t) +Rjoint

)
Iop(t) + Lin

dIop
dt

(t) +

17∑
j=1

M in
j

dIj
dt

(t)

(3.1)
where Lin is the self-induction coefficient of the HTS insert (composed of
the two series connected coils); M in

j the mutual coefficient between the HTS
insert and the j -th section of the multisection outsert; Ij is the current of the
j -th section of the outsert; Vt is the overall voltage of the insert coil, which is
kept constant during the quench; Rcoil1NZ and Rcoil2NZ are the total resistances
of the insert coils 1 and 2 due to the presence of the normal zones. These
resistances are computed at every time step through a numerical integration

Rcoil1NZ (t) =
2

I2
op(t)

12∑
i=1

∫
Vi

J2(t)

σcoil1i (t, x, y)
dVi (3.2)

Rcoil2NZ (t) =
2

I2
op(t)

12∑
i=1

∫
Vi

J2(t)

σcoil2i (t, x, y)
dVi (3.3)

where Vi represents the part of the i -th pancake represented in the 2-D
model, and the factor 2 accounts for the fact that only half of each pancake
is modeled thanks to the aforementioned simmetry condition.
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Table 3.4:
CRITICAL CURRENT PARAMETRIZATION [10]

T[K] 4.2 20 30 40

α0 1.30 1.22 1.56 0.79

α1 0.81 0.12 0.41 0.47

b0 8870 1985 4783 583

b1 18456 809 312 196

β0 13.80 1.63 2.78 0.60

β1 13.8 1.63 2.78 0.60

γ1 0.18 0.05 0.67 0.38

c1 2.15 2.11 5.10 26.09

ε1 0.60 0.83 0.80 0.50

3.3.3 Critical Current Parametrization

Figure 3.9: Picture of the SuperPower SCS4050 tape cross section and insulting material
in the layer of the Prototype.

A nonlinear power law is used as a constitutive electric characteristic of
the superconducting layer, with the critical current expressed as a function
of temperature T , magnetic flux density B, and field angle θ with respect
to the tape. The critical surface is described through the parametrization
provided in [11] and [10]. The parameter values are reported in Table 3.4

Ic(B, θ) =
b0

(B + β0)α0
+

b1
(B + β1)α1

[
ω2

1(B) cos2(θ − φ1) + sin2(θ − φ1)
]−1/2

(3.4)
where

ω1(B) = c1

[
B +

(
1

c1

) 1
ε1

]ε1
As discussed in [8] and [10], the broad face of the HTS tape of the insert coils
is not perfectly aligned with the z -axis (tilting, dishing, etc.). This is due to
the fact that the tapes are not flat (see Fig. 2.9). The misalignment of the
turns is taken into account by slightly modifying the field angle between the
radial and axial component of the magnetic flux density through a tilt angle
correction coefficient. The tilt angle applied in this chapter is included in a
range from zero to two degrees

Recent measurement performed at NHMFL [8] pointed out a stochastic
variation of the tape critical current along the turns of the insert in a range of
± 25%. This effect is of the greatest importance in the insert coil behavior,
due to the very significant variation of Ic along each tape and from tape to
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tape as well. In this chapter, these non -uniformities are taken into account
by means of correction factors of the critical current that are averaged over
each pancake. The values of the correction coefficients were found through
several iterations by fitting the simulation results to the experimental ones.
In any case, the critical currents values do not deviate more than ± 25%
from those provided by the critical surface parameterization.

The set of correction coefficients identified with this procedure is not
necessarily the only one; there may be other parameter combinations that
allow reaching a similar agreement. Indeed these nonuniformities represent
a remarkable difference with respect to LTS coils, where the conductor prop-
erties are much more homogeneous, and require new modeling approaches.
The approach followed here is, therefore, a first-order approximation to deal
with this challenging problem.

3.4 Results of Quench Analysis

3.4.1 Comparison Between Numerical and Experimental Re-
sults

The quench induced by the heaters in the HTS insert determines an increase
of the overall insert resistance, with a consequent decay of its transport cur-
rent and increase of the terminal voltages across each module. The numer-
ical model simulates the first 3 s of the quench process, during which the
experimental data are recorded.

Quench Test With Constant Outsert Current

Figure 3.10: Comparison between computed and measured values of the insert operation
current during the quench test case 1, with 173-A initial current in the insert and 134-A
constant current in the outsert.
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Figure 3.11: Experimental and computed values of the terminal voltages across the mod-
ules of coil 1 in the quench test case #1.

Figure 3.12: Experimental and computed values of the terminal voltages across modules
of coil 2 in in the quench test case #1.

As for the first quench test case described in Section 3.2, the compari-
son between the numerical and experimental results on the insert operation
current is reported in Fig. 3.10. A good agreement is found between the
measured and computed transport current, which represents the global be-
havior of the insert coil. The maximal relative error between the numerical
and experimental values of the transport current ranges is 48 %, with an
average error of 16 %. In order to analyse in more detail the local quench
behaviour, a comparison between numerical and experimental results on the
terminal voltages across each module is presented in Figs. 3.11 and 3.12
for coil 1 and coil 2, respectively. The experimental and simulated voltage
signals exhibit a good agreement. The data acquisition system is set to
record voltage signals only in the range [10/+10] V. All comparisons are,
therefore, reported for voltage values below this threshold. The terminal
voltages provide useful information about the quench initiation and prop-
agation inside the insert coil. In coil 1, the modules 1, 5, and 6 exhibit
an earlier transition to the resistive state and quench propagation occurs
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Figure 3.13: Computed values of the resistive and inductive components of the terminal
voltages across modules of coil 1 in the quench test case #1.

Figure 3.14: Computed values of the resistive and inductive components of the terminal
voltages across modules of coil 2 in the quench test case #1.

before all other modules. This phenomenon can be explained by considering
the effect of the field angle on the critical current of the superconductive
tapes. Since the field angle in these modules, located at the two ends of the
coil axial length, is greater than for the other modules, the corresponding
reduction of critical current is more significant. This effect is predominant
with respect to the impact on critical current of the magnetic flux density,
which is greater in the central modules. As shown in Fig. 3.13, the voltage
recorded on module 2 of coil 1 exhibits instead a predominant inductive be-
haviour, with a negative value due to the decay of the coil transport current
that overcomes the positive resistive contribution.

It is worth noting that all terminal voltages of the modules of coil 2 also
exhibit a predominant inductive behavior, as shown in Fig. 3.14. Also, in
this case, the resistive components due to the voltage build-up across the
normal zones are less than the corresponding inductive components of the
module. This interpretation of the quench evolution in coils 1 and 2 is also
confirmed by analysing the computed temperature distributions over the
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Figure 3.15: Computed values of the hot-spot temperature of each module of coil 1 during
the quench test case #1.

modules. The hot-spot temperature of each module of coil 1 and coil 2 in
this quench test is shown in Figs. 3.15 and 3.16, respectively. It can be
noticed that in coil 1, the maximal hot-spot temperature is reached in the
three most critical modules (1 and 6), whereas the hot-spot temperature of
module 2 is the lowest. Similar observations can be made when consider-
ing the temperature distributions over the pancake cross section, which are
more directly correlated to the overall normal zone resistance. As shown
in Fig 3.17, the temperatures reached in module 6, and, in particular, on
pancake 11, are higher than those reached in module 2, pancake 3. It can
be noted that the temperature distribution on pancake 12, also owing to
module 6, significantly differs from that of pancake 11, and is characterized
by lower temperature values distributed more uniformly. This is due to the
fact that this pancake is not directly heated by the heaters (see Fig. 3.2),
but only by the heat propagation from the neighbouring pancake 11. As

Figure 3.16: Computed values of the hot-spot temperature of each module of coil 2 during
the quench test case #1.
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Figure 3.17: Computed temperature distribution in pancakes (a) 5, (b) 6, (c) 11, and (d)
12 at t = 1.5 s during the quench test case #1. (a) Pancake 3 (module 2) at 1.5 s. (b)
Pancake 4 (module 2) at 1.5 s. (c) Pancake 11 (module 6) at 1.5 s. (d) Pancake 12 (module
6) at 1.5 s.

already remarked considering the hot-spot temperatures, the temperature
distributions shown in Fig 3.17 indicate that the values reached in coil 1
are significantly higher than those reached in coil 2. As expected, the peak
temperatures on all pancakes are reached in the locations corresponding to
the central part of the heaters. The normal zone propagation velocity in
the HTS insert is in the range from 0.1 to 0.2 m/s. These values are ex-
tremely small in comparison with the typical values of quench propagation
velocity in LTS coils, that can range up to about 100 m/s [12], [13], [4].
Thus, the proportion of pancake surface covered by the heaters and the con-
tact/interface quality become the key factors to be properly addressed in
the design of the quench protection system

Quench Test With Variable Outsert Current

In the second quench test described in Section 3.2, which was performed
with a 222-A transport current in the insert and 214-A transport current
in the outsert, the outsert quench protection system is triggered by the
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Figure 3.18: Comparison between the numerical and experimental values of the operation
current in the insert coil during the quench test case #2

Figure 3.19: Experimental and computed values of the terminal voltages across the mod-
ules of coil 1 in the quench test case #2.

induced voltages. The currents in the outsert during the quench are, there-
fore, variable in time; their evolution is described through a numerical model
specifically developed at the NHMFL [8]. The currents in the 17 sections of
the outsert have then been used as an input for the computations performed
with the model presented here. The time evolution of the transport currents
in the various sections of the outsert magnet is reported in Fig. 3.6.

The comparison between numerical and experimental data of transport
current in the HTS insert during the quench is reported in Fig. 3.18. The
relative error between the numerical and experimental values of transport
current ranges from 0.01 % to 80 %, with an average value around 28 %. The
quasi-3-D FEM model computes a transport current in the insert which
starts decreasing before the corresponding experimental values. Both the
experimental and numerical data exhibit a local maximum almost at the end
of the current decay at about 2 s. This maximum occurs slightly earlier in the
computations, compared to the experiment, which is probably determined
by uncertainties regarding the input data for the computations [8]. The
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Figure 3.20: Operation current in the insert coil during the quench test case #2 in the
two cases of action and inaction of the outsert quench protection system.

Figure 3.21: Maximum temperature reached in the pancakes of the insert during the
quench test case #2 in the two cases of action and inaction of the outsert quench protection
system.

local bump is related to the inductive coupling between the insert and the
outsert. As shown in Fig. 3.6, some sections of the outsert exhibit a similar
bump of the operation current around the same time instant. The variation
in time of these currents is in turn related to the intervention of the outsert
protection system. When the induced voltage exceeds the threshold criterion
on a given section, the quench protection system is triggered, albeit with a
predetermined delay specified for each section.

The experimental and computed voltages at the terminals of the coil 1
modules are reported in Fig. 3.19, and they exhibit a good qualitative agree-
ment. The quantitative agreement is rather good in the first phases of the
quench, and then becomes less accurate; in this phase, the aforementioned
discrepancies on the insert transport current affect the computed terminal
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voltages. It can be noticed that also in this case, the modules 1 and 6 of coil
1 exhibit a fast increase of the voltage, thus confirming that the two ends of
the coil are its most critical locations and a protected quench starting points
in these experiments. This quench study, therefore, confirms that the effect
of the field angle is predominant on that of the magnetic field intensity.

In order to better understand the impact of the quench in the outsert
on the quench behavior of the insert, an additional simulation was carried
out in which, starting from the same initial currents in the insert and in the
outsert as in case #2, the outsert is supposed not to exhibit any quench.
In this simulation, the outsert current is, therefore, kept constant at the
value of 214 A. The comparison between the results of the two simulations
with variable and constant outsert current is shown in Fig. 3.20. The lack
of intervention of the outsert quench protection system determines a higher
magnetic flux density on the insert during the quench. In these conditions,
the critical current in the insert turns is less than in the case of quenching
outsert, which determines a faster increase of the insert resistances. Conse-
quently, the insert current damps faster in the case of constant current in
the outsert.

The maximal temperatures in the pancakes in these two cases are plotted
in Fig. 3.21. In most pancakes, including pancakes #2 and #11, which
are the most solicited ones, the triggering of the outsert protection system
determines a higher peak temperature at the end of the simulation. This
result is related to the higher value of transport current in the insert in this
phase. In pancakes #8 and #9, a slightly higher hot-spot temperature is
computed during the initial phase of quench in the case of no triggering of
the outsert protection system. In any case, the impact of the quench in the
outsert on the peak temperatures in the insert is very limited, and should
not have any practical effect.

3.4.2 Energy Exchange Between Insert and Outsert During
Quench

A detailed analysis of the numerical results of quench test case #1 allows one
to determine the energy exchange between the insert and outsert coils during
the experiment and the amount of the magnetic energy that is dissipated in
the normal zones of the insert.

The overall energy balance can be written as

∆Em(t) = Em(0)− Em(t) = Enz(t)− Eout(t) (3.5)

where ∆Em(t) is the variation of the total magnetic energy of the coupled
insert-outsert system from the initial value Em(0), to its value at time instant
t, Em(t). On the right-hand side of equation 3.5, Enz(t) is the total energy
dissipated in the normal zone resistance of the insert coils 1 and 2 from the
beginning of the test to instant t, and Eout(t) is the total energy delivered or
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absorbed by the protection system of the outsert. In the balance equation
3.5, the energy input from the heaters is assumed negligible with respect to
the total magnetic energy.

The magnetic energy Em can be expressed as the sum of the various
components related to the self and mutual induction between the coils

Em(t) =
1

2
LinIop(t)

2 +
17∑
j=1

M in
j Ij(t)Iop(t) +

17∑
j=1

1

2
Loutj Ij(t)

2Iop(t) +

+

17∑
i=1

17∑
j=1
i 6=j

Mout
ij Ii(t)Ij(t) (3.6)

where Ljout is the self-induction coefficient of the j -th section of the outsert
and Mout

ij is the mutual induction coefficient between the i -th and j -th
section of the outsert.

The energy dissipated in the normal zone resistances of the insert can
be expressed as the sum of the contributions of the two coils:

Enz(t) =

∫ t

0
Rcoil1nz (τ)Iop(τ)dτ +

∫ t

0
Rcoil2nz (τ)Iop(τ)dτ (3.7)

The energy absorbed by the outsert magnet from the protection system
can be determined calculating the voltages voutj at the terminals of the j -th
section of the outsert:

Eout(t) =

17∑
j=1

∫ t

0
voutj (τ)Ij(τ)dτ (3.8)

=
17∑
i=1

∫ t

0

Loutj

dIj
dτ

(τ) +
17∑
j=1
i 6=j

Mout
ji

dIi
dτ

(τ) +M in
j

dIop
dτ

(τ)

 Ij(τ)dτ.

The evolution in time of the three main terms of the total energy of
the system is plotted in Fig. 3.22. The graph shows the time evolution
of the energy taking as a reference the magnetic energy at the initial time
Em(0), equal to 1.75 MJ. As observed in Section IV-A, the quench initiation
and propagation determine an increase of the overall resistance of the insert
and the subsequent damping of its transport current. Since the outsert
current is kept constant, only the first two terms of the magnetic energy
expression in 3.6 vary during the quench experiment. Fig. 3.22 shows that
only a small part of the total magnetic energy, less then 1 %, is dissipated
during the transient due to the joule effect in the normal zones of coils 1
and 2. As mentioned above, the coil 1 exhibits a predominant resistive
behaviour, thus dissipating more energy than coil 2. It is worth noting that
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the largest quote of the energy variation is absorbed by the power supply of
the multisection outsert. This mechanism allows to maintain its transport
current constant during the experimental test. The energy transfer through
inductive coupling is, therefore, able to release most of the magnetic energy
of the insert and of the mutual energy between insert and outsert to the
outsert power supply, thus avoiding its deposition in the insert coils.

The energy balance allows one to estimate the numerical error of the
model developed, by determining the residual of the equation 3.5. In the
calculations performed in this chapter, utilizing the mesh described in the
next section, this residual is limited below 0.6 %.

Figure 3.22: Energy exchange between the different coils of the analyzed magnet system
during the quench case #1. (a) Evolution in time of the ratio between the total magnetic
energy at time t and its initial value 1. (b) Evolution in time of the energy dissipated in
the normal zones of coils 1 and 2, and of the energy absorbed from the outsert coil to its
power supply.
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3.5 Conclusion

An electrothermal model based on a reduced dimensionality approach has
been developed in the COMSOL Multiphysics environment to analyze quench
in a coupled magnetic system composed of an HTS REBCO dual-coil insert
and a multisection LTS outsert. This is the very first implementation of
a COMSOL model for a full-scale comprehensive quench analysis of a real
sophisticated multicoil superconducting magnet having a complex quench
protection system.

The magnetic system was tested at NHMFL in the framework of R&D
activities of the NHMFL 32-T magnet project. In the modeling of the HTS
insert, its 12 pancakes are described as 2-D elements, connected to each other
by means of a distributed thermal resistance. In the meshing of the FEM
model, only one pancake is discretized, solving the equations for an array
of variables containing the temperatures of all pancakes. An anisotropic
homogenization procedure was adopted to reduce the degrees of freedom
and model the whole magnet. The critical current dependence on magnetic
field and field angle with respect to the tape are included appropriately in
the model. The stochastic variations of the tape critical current along the
turns of the insert is considered by the implementation of correction factors
averaged over each pancake. The introduced correction factors are a first
approximation approach enabling one to handle this issue.

The FEM model is complemented by a lumped parameter model of the
circuit, enabling one to describe the mutual inductive interactions between
the insert and outsert coils.

The comparison of the numerical and experimental results on the decay
of the insert current and of the terminal voltages across the insert modules
(double pancakes) shows a good agreement in the quench test with con-
stant current in the outsert. A rather good agreement is obtained and the
qualitative behaviour of the quench phenomenon is correctly described also
in the case of a variable current in the outsert coil sections. Reaching this
agreement, however, required to assess the deviations of the critical currents
in each turn of the insert coils from their nominal value. In this chapter,
these deviations have been kept in the frame of the ± 20% oscillation exper-
imentally observed on tape samples. In addition, variations of some other
input parameters are supposed to be taken into account also.

The analysis performed here shows that the quench propagation is more
rapid in the pancakes characterized by high values of the field angle, located
at the top and bottom of the insert. The computed temperature distribu-
tions show that the hot spots of these pancakes reach higher temperatures
than the hot spots in the pancakes located in the middle of the insert axial
length do. This result indicates that in the present case, the effect of the
field angle on the critical current is more significant than that of the mag-
netic flux density, which reaches higher values in the pancakes located in the
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middle of the insert.
The numerical model also allows one to give an insight in the evolution of

the magnetic energy of the coupled insert-outsert system during a quench. In
the quench case analyzed here, a minor part of the total energy is dissipated
in the normal zones of the insert, whereas the greatest quote of the total
energy is released from the outsert to its power supply.
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Chapter 4

Analysis of Quench in the 32
T Magnet

4.1 Introduction

The R&D activity at the NHMFL for the development of the 32 T magnet
started in 2007 with the development of the fist SuperPower test coils able to
generate 27 T in a background magnetic filed of 19 T generated by a resistive
magnet. In 2008, the first prototypes were assembled at the NHMFL and in
2009 the 32 T project was finally funded and officially started, see Table 4.2.
The first tests on all superconducting prototypes were performed during the
years 2012 -2015. In 2015 the prototypes were tested in the LTS outsert
developed by the Oxford Instrument. After preliminary tests during the
2016 at the liquid nitrogen temperature, in 2017 the first tests on the final
configuration of the 32 T magnet are performed.

In the previous chapters, the quench tests in the prototypes developed
in 2015 and 2016 were analysed and discussed. The first prototype coil
developed to analyse the insert of the 32 T magnet is modelled by a quasi
3D FEM approach in chapter 2. In chapter 3, the HTS insert and the
coupling with the LTS outsert is widely analysed to determine the overall
quench behaviour of a coupled HTS and LTS magnet.

In this chapter, the quasi 3D FEM model is extended to analyse the
structure of the 32 T magnet with particular reference to the quench propa-
gation between the different pancakes of the magnet. A set of heater spacers
is located between the pancakes in order to initiate quench and determine
the transition of the whole magnet. In the test case selected for the present
analysis, the HTS insert composed by two REBCO coils is energized with
173 A current and the quench is initiated by heaters in the insert. The con-
tribution of the different pancakes to the transition of the magnet is also
studied and discussed to analyse the global quench behaviour of the insert.
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Table 4.1:
PROJECT TIME LINE OF THE R&D ACTIVITY
ON THE 32 T MAGNET [5]

2007 2008 2009 2010 2011 2012 2013 2014 2015 2016 2017

First SP test coil
27 T and 19 T
resistive

X

Second SP
test coil

X

Firs NHMFL
test coil 33 T
and 31 T resistive

X

32 T project
funded (partially)

X

More test coils X X X X X

First HTS quench
heaters tested

X

Specification
negotiation
with SuperPower

X X X

32 T conductor
receipt&QA

X X X

Prototype coils X X X X

LTS Outsert
ordered

X

LTS Outsert
qualified at
Oxford Instruments

X

Prototype testing
in LTS outsert

X

HTS DP winding X

HTS coil assembly X X

HTS + LTS
integration
into cryostat

X

First LN2 test X

Electronics X X

4.2 K testing X
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4.2 The 32 T Magnet Structure

As described in [1] and [2], the 32 T magnet is composed of a 15 T large-
bore LTS outer magnet and a separately powered set of seriesly connected
REBCO double pancake coils (40 pancakes for the coil 1 and 72 for the
coil 2), generating an additional field of 17 T, see Table . A sketch of the
complete structure of the magnet is detailed in Figure 4.1

Figure 4.1: Scketch of the 32 T magnet developed at the NHMFL

4.2.1 LTS Outer Magnet

The LTS Outer magnet, shown in Figure 4.2, and its cryostat are provided
by the Oxford Instruments and it has passed all acceptance criteria in both
factory testing and commissioning tests at the NHMFL. Acceptance criteria
included a demonstrated tolerance to a manually induced full-field quench,
the ability to ramp from zero to 15.0 T in 60 minutes immediately after re-
cooling to 4.2 K, and reach a peak central field of 15.3 T stand-alone. Quench
protection system of the LTS outer magnet consists of both a classic pas-
sive diode-resistor network and an active system with quench detection, a
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Table 4.2:
32 T MAGNET [1]

Parameter Value

Central Field 32 T

LTS Outsert Field 15 T

HTS Insert Field 17 T

Central Bore 34 mm

Ramp time 1 h

Operating temperature 4.2 K

Stored Energy 8.3 MJ

System weight 2.6 ton

power unit and quench heaters embedded in the coils. The Outsert quench
protection can also be triggered manually and by a TTL signal from the
REBCO quench detection unit. All LTS coils consist of monolithic conduc-
tors, featuring an operating current of 268 A and a self-inductance of 194 H.

Figure 4.2: Completed LTS Outsert at Oxford Instruments (late 2014) [1]

4.2.2 HTS Insert Magnet

As presented in [2], the REBCO insert coil, shown in Figure 4.3, is com-
posed by two concentric double pancake coil stacks of un-insulated 4-mm
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Table 4.3:
REBCO INSERT COILS

TECHNICAL PARAMETERS [1]

Coil 1 Coil 2

Inner Radius [mm] 20 82

Outer Radius mm] 70 116

Height [mm] 178 318

Number of pancakes 40 72

Ioperation [A] 174 174

Conductor length [km] 2.9 6.8

Inductance [H] 2.6 9.9

Field contribution [T] 10.7 6.3

Co -wind thickness [µm] 25 50

wide REBCO tape co-wound with insulated stainless steel tape as turn-to-
turn insulation [7]. The detail of the structure and operating conditions of
the REBCO insert coils are reported in Table 4.3. As discussed in [4] - [7],
the choice of two HTS coil stacks represents a balance between the need to
limit the radial build per coil (and thereby among others the radial field
component) and avoiding an excessive amount of coil components during
assembly. Pancake-to-pancake insulation within a module is provided by
0.25 mm G-10 sheets. Each module is vacuum-impregnated with paraffin
to reduce the volume of helium within the windings and enhance the me-
chanical stability of the windings. Quench heaters are sandwiched between
protective layers of Kapton and G-10, embedded between double pancake
modules. A battery-powered network of such heaters provides quench pro-
tection. Sufficiently powerful heaters, in the order of 50 kW for all 32 T
heaters combined, can protect HTS coils even in the case of zero normal
zone propagation velocity [8], [9], assuming the copper current density in
the HTS conductor and the decay rate of the outer magnet in case of a
quench are not exceedingly high. The REBCO quench detection unit moni-
tors voltages between different sections of the coils (balance voltage) and is
set to trigger at 100 mV, and by a TTL signal from the LTS quench detection
system.

4.3 Self-Field Experimental Test

In this chapter, the quasi 3D FEM model described in the chapter 3 is ap-
plied to analyse the REBCO insert coils of the 32 T magnet if the insert is
energized with 173 A. As in the quench case on the prototypes analysed, the
heaters between pancakes (see Figure 4.1) are immediately fired simultane-
ously for a total duration of 0.8 s. The heaters used to initiate a protected
quench are composed of seriesly- connected heater elements embedded be-
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(a) Coil 1

(b) Coil 2 (c) HTS coil

Figure 4.3: Detail of the 32 T magnet insert: (a) Coil 1, (b) Coil 2 and (c) complete HTS
insert [1]

tween thin G-10 and kapton disks. The structure is the same applied in
prototype #2 and shown in the Figure 3.4 of chapter 3. In this experimen-
tal case, the outsert is off in order to preliminary test the insert without the
coupling with the LTS outsert magnet.

The implementation of the 32 T magnet structure in the quasi 3D FEM
model requires the discretization of one single mesh and the resolution of
the heat balance equation (see chapter 3) for an array of temperatures,
one for each pancake of the coil: [T1, ..., T72]. As shown in Figure 4.1, the
variables T1, ..., T16 and T56, ..., T72 are solved on a grid corresponding to the
2D geometry of the 2. The variables T17, ..., T55 are solved on the mesh grid
of both coil 1 and coil 2.

4.4 Result of Self-Field Quench Test

4.4.1 Current Decay

The heat flux introduced by the heaters on the pancakes determines their
transition to the normal state. As a consequence of the normal zone prop-
agation, the prototype coil current decreases in time. The current decay
computed by the quasi 3D FEM model is shown in Figure 4.4 and com-
pared with the simulation of the experiment performed at the NHMFL by

82



the equivalent network circuit model developed by A. Gavrilin [1], [3] and
described in chapter ??

Figure 4.4: Operation current during the quench case at 173 A in the insert coil of the 32 T
magnet. The damping of current is computed according to the FEM model presented (see
chapters ?? and 3) and the equivalent network circuit developed at the NHMFL [1]- [3]

4.4.2 Pancakes Voltages and Temperatures

The calculation of the resistances of each pancake of the insert, and of
its current allow the computation of the terminal voltages of each pancake
during the experimental tests as shown in equation 4.1.

∆Vi(t) = Ri(t)Iop(t) +

N∑
j=1

Mij
dIop
dt

(4.1)

where ∆Vi is the terminal voltage of the i -th pancake, Ri the resistance of
the i -th pancake according to equation 3.2 in chapter 3, Iop is the operating
current of the seriesly connected pancake and Mij is the mutual induction
coefficent between the i -th and j -th pancake. In Figure 4.5 the terminal
voltage distribution between pancakes is shown at t = 1.05 s, a few instants
after the heat pulse peak.

Figure 4.6 and Figure 4.7 show the terminal voltages profiles of each
pancake of coil 1 during the quench experiment. The two pancakes at the
upper and lower position of the coil, namely pancakes #17 and #56, are
not directly in contact with the heaters and hence the terminal voltages
are dominated by the inductive effect. The resistive effect is predominant
in the pancakes from #18 to #31 and from #43 to #55. The behaviour is
clearly shown in Figure 4.5. The pancakes in the central zone of the magnet,
namely from pancake #32 to #42, subjected to the most intense magnetic
flux density, are dominated by the inductive coupling. The result confirms
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the conclusion drawn in the previous chapters, i.e. the influence of the field
angle on the critical current density and on the quench propagation is of
paramount importance. The combination of both field angle and magnetic
field intensity determine the most stressed pancakes of the coil 1.

In Figures 4.8 and 4.9, the terminal voltage profile of coil 2 pancakes are
shown. As a matter of fact, the pancakes of coil 2 are dominated by the
inductive effect. The quench of the magnet is affected more by the transition
of the coil 1 than by of coil 2, the contribution of the coil 2 is less relevant.

Figure 4.5: Terminal voltage distribution of the coil 1 and coil 2 at t = 1.05 s.

In the Figure 4.10 to Figure 4.15, the temperature distribution on each
pancake of coil 1 and coil 2 is shown at t = 1.05 s, a few instants after the
heat pulse peak. The heater area is more thermally stressed and the coil 1 is
generally characterized by larger hot areas, hence confirming the dominant
effect of coil 1 on the quench behaviour of the 32 T magnet.
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Figure 4.6: Terminal voltage profile of each pancake of coil 1 from pancake #17 to pancake
#36
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Figure 4.7: Terminal voltage profile of each pancake of coil 1 from pancake #37 to pancake
#56
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Figure 4.8: Terminal voltage profile of each pancake of coil 2 from pancake #1 to pancake
#36
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Figure 4.9: Terminal voltage profile of each pancake of coil 2 from pancake #37 to pancake
#72
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Figure 4.10: Temperature distribution of coils 1 and 2 form pancake #1 to pancake #12
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Figure 4.11: Temperature distribution of coils 1 and 2 form pancake #13 to pancake #24
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Figure 4.12: Temperature distribution of coils 1 and 2 form pancake #25 to pancake #36
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Figure 4.13: Temperature distribution of coils 1 and 2 form pancake #37 to pancake #48
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Figure 4.14: Temperature distribution of coils 1 and 2 form pancake #49 to pancake #60
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Figure 4.15: Temperature distribution of coils 1 and 2 form pancake #61 to pancake #72
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4.4.3 Voltage to Ground

The computation of the voltage to ground is of paramount importance to
analyse the global behaviour during the quench of the HTS insert, to design
the power supply and the insulation of the magnet and to set the voltage
threshold of the quench detection unit. The first step for the calculation is
the computation of the terminal voltages across the pancakes of coil 1 and
coil 2 vs time. The terminal voltage of all pancakes of coil 1 and coil 2 are
then summed up. In Figure 4.16, the voltage to ground profile is shown. As
expected by the constitutive law of the coil described in the equation 3.1
and equation 2.6, the voltage to ground profile is around zero and can be
considered as an estimation of the numerical error of the numerical compu-
tation.

The voltage to ground distribution between the pancakes at t = 1.05 s
is shown in Figure 4.17. The Figure confirms the dominant effect of coil 1
on the global quench behaviour of the magnet.

Figure 4.16: Voltage to ground during the quench case at 173 A in the insert coil of the
32 T magnet

4.5 Conclusion

The study of the 32 T magnet insert confirms the possibility of the quasi
3D FEM model to analyse large scale superconducting magnets composed
of coil 1 of 40 pancakes and coil 2 of 72 pancakes, a total amount of 112
pancakes. The anisotropic homogenization technique and the reduced di-
mensionality approaches applied to the analysis of the prototypes presented
in the previous chapters is also able to produce reliable results in this last
case.

The temperature distribution gives an insight of the hotter areas of each
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Figure 4.17: Voltage to ground distribution in the insert coil during quench at

pancake during the quench propagation and of the maximum temperature
locations during the quench. The terminal voltage of each pancake is com-
puted to globally study the quench development in the magnet. The details
of the terminal voltage profile during the quench initiation and propagation
clearly show the more stressed pancakes of the insert. The result confirms
the conclusions pointed out by the quench studies of the previous experi-
ment: the influence of the field angle on the critical current of the REBCO
tapes and consequently on the quench of the HTS coils is of paramount im-
portance. The combination of both field angle and magnetic field intensity
determines the most stressed pancakes. The analysis of the results shows
the different impact of coil 1 and 2 on the quench of the insert: the coil 1
has a dominant effect on the quench of the global magnet.

The results performed in these quench test confirm the ability of the
model to analyse the complete structure of the 32 T magnet in a reasonable
computational effort.
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Chapter 5

Analysis of Quench on
REBCO Roebel Cables for
the EuCard-2 Project

5.1 Introduction

The Roebel bar technique [1] was applied in superconductivity for the first
time to reduce the AC losses in the NbTi Roebel cable of the EURATOM
toroidal filed [2]. Roebel bars from HTS materials were introduced for 1G
BSCCO tapes and were then developed for HTS transformers [3]. The ad-
vantages of the Roebel cables are related to their possibility to carry large
transport current with a compact design and a mechanical flexibility. The
continuous transposition of the strands reduces the coupling and AC losses
ensuring a better current sharing between the strands [4].

The scientific community is studyng with great interest the application
of Roebel cables for magnet devices, as in the EuCARD-2 magnet [5] [6],
and for AC power devices, as in the development of 1 MVA 3-Phase super-
conducting transformer [7]. The computation of AC and coupling losses is
one of the main challenges for the design of Roebel cables. Therefore, several
electromagnetic models are developed for both DC and AC operating con-
ditions, analysing the cable in the frame of a 2D [8] or 3D structure [9] [10]
and [11] [12].

The computational models mentioned above neglect the analysis of the
thermal behaviour and the study of quench propagation and initiation, fun-
damental steps in the design, project and protection of HTS superconduct-
ing devices [13] [14]. Different studies involving multi-strand quenches in
Roebel cables have been published in research theses, for LTS in [15] and
for HTS [16].

In this chapter, the same numerical technique used for the modelling of
quench in the 32-T magnet is adopted for the analy- sis of quench in HTS
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Figure 5.1: Conceptual sketch of heater position, electrical boundary conditions and of
the fij function. For the sake of simplicity only tapes #3 and #4 are represented.

Roebel cables. The homogenization procedure, the discretization of a single
mesh grid and solved for an array of variables is here applied at the sin-
gle tape level. The model, developed in collaboration with the University of
Southampton, is able to describe the contact between the different strands of
the Roebel cable and to account for the current and thermal heat flux redis-
tribution if a quench is initialized in one or more tapes. The electro-thermal
model allows computing the minimum quench energy and the normal zone
propagation velocity which defi

ne the thermal and electrical stability of the Roebel cable.

5.2 Model Description

The hereby described thermal and electromagnetic model developed for the
analysis of quench in HTS Roebel cables solves the heat balance equation and
the current density continuity condition. The thermal and electrical contact
between the different tapes is modelled by the introduction of a distributed
electrical contact conductance and a distributed thermal contact resistance
per unit surface.

In the actual implementation, only one 1D tape is discretized with a
mesh extended along the length of the cable. A set of thermal and electrical
equations is written for an array of variables and solved for the implemented
mesh: the elements of the array are the temperature and electrical potentials
of all tapes.

The tape is described as a homogeneous conductor: the different layers
of the tape are homogenized to determine uniform thermal and electrical
material properties.

5.2.1 Thermal Model

As already mentioned, only one tape is discretized and a set of heat balance
equations is solved for an array of temperatures [T1, · · · , TNt ] representing
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the temperatures of all the number of tapes Nt.
The thermal equation can be written for the i -th tape as (i = 1, · · · , Nt):

ρCp(Ti(x, t))
∂Ti(x, t)

∂t
− ∂

∂x

(
k(Ti(x, t))

∂Ti(x, t)

∂x

)
=

σi (Ti(x, t), Ei(x, t))

(
∂Vi(x, t)

∂x

)2

+
∑
j

QJi,j(x, t)+

+
∑
j

Qci,j(x, t) +Qhi (x, t) (5.1)

where Ti(x) is the temperature in the i -th tape as a function of the posi-
tion, ρ

[
kg/m3

]
the homogenized density, Cp(Ti) [J/(kg K)] the temperature

dependent homogenized specific heat, k(Ti) [W/(m K)] the temperature de-
pendent longitudinal thermal conductivity, σi (Ti(x, t), Ei(x, t)) [S/m] is the
homogenized longitudinal electrical conductivity as a function of the tem-
perature and electric field of the i -th tape. In the heat balance equation, the
term QJi,j represent the Joule power due to the current exchange between
the i -th and j -th tapes in contact:

QJi,j =
∑
j

1

2
fi,j(x) σcel

(Vi − Vj)2

δ
(5.2)

where fi,j(x) is a function oscillating between zero and one that takes in
account the contact area between the i -th and the j -th tapes. The function
is equal to one if the two tapes overlap while zero if they are not in contact.
A conceptual sketch of the contact area between two tapes and of the fij
function is shown in Figure 5.1. The parameter σcel

[
S/m2

]
is the distributed

electrical contact conductance per unit surface between the two tapes and
δ the thickness of the tape. The term QJi,j is computed supposing that the
Joule power due to current exchange is equally split between the i -th and
j -th tapes. The thermal power Qci,j exchanged between the i -th tape and
the adjacent tapes is modelled as:

Qci,j =
∑
j

fi,j(x)
Ti − Tj
Rcth δ

(5.3)

where Rcth
[
m2 K/W

]
is the distributed thermal contact resistance per unit

surface between the two tapes and δ the thickness of the tape.
The thermal disturbance introduced by a heater located at half length

of tape #4, as shown in Fig. 5.1, is modelled by the term Qhi (x, t).
As boundary conditions, the temperature is fixed at the two terminals

of each tape that compose the cable. The same temperature is introduced
as initial condition.
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5.2.2 Electrical Model

The electrical model of the Roebel cable is based on a set of equations solved
for an array of variables representing the electric potentials [V1, · · · , VNt ] of
all the tapes computed with respect to a reference location located at the
end of the cable where the electric potential is set to zero. On the other
terminal the current density is imposed at a fixed value, see Figure 5.1.

The current density continuity condition can be written for the i -th tape
as (i = 1, · · · , Nt):

∂

∂x

(
−σi (Ti(x, t), Ei(x, t))

∂Vi(x, t)

∂x

)
=∑

j

fi,j(x) σcel
Vj(x, t)− Vi(x, t)

δ
(5.4)

These equations take into account the current redistribution between the
tapes in contact via the distributed electrical contact conductance per unit
surface σcel.

5.2.3 Homogenization Procedure

In order to avoid the discretization of each layer of a tape, a homogenization
procedure is applied to calculate the longitudinal thermal and electrical
conductivities. The electrical conductivity σi of the i -th tape is computed
assuming all the number of layers (Nl) of the tape as in parallel connection.
The homogenized electrical conductivity is determined by:

σi =
Ic(Ti)

Ec Stot

(
1

Ec

∂Vi(x, t)

∂x

) 1−n
n

+

Nl∑
j=1

σj(Ti(x, t))
Sj
Stot

(5.5)

where Ic(Ti) is the critical current as a function of the temperature in the
i -th tape [22], Ec is the critical electric field set to 1× 10−4 V/m, n is the
n-value of the power law set to 20, Stot is the total cross section of the tape,
Sj is the cross section of the j -th layer of the tape and σj is the electrical
conductivity as a function of the temperature in the i -th tape.

A similar procedure is adopted for the calculation of the longitudinal
thermal conductivity ki of the i -th tape.

5.3 Results

The model previously described is applied in this section to the study of
quench on a 2 m-long Roebel cable composed by 15 tapes with a twist pitch of
226 mm. The tapes of the cable are produced by the company Brucker (USA)
for the EuCARD2 project and the cables is assembled by the Karlsruhe
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(a) t = 1 s (b) t = 5 s

(c) t = 40 s

Figure 5.2: Temperature distribution along the tapes at (a) t = 1 s, (b) t = 5 s and (c)
t = 40 s.

(a) t = 25 s (b) t = 27 s

(c) t = 29 s

Figure 5.3: Current distribution along the tapes at (a) t = 25 s, (b) t = 27 s and (c)
t = 29 s.
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(a) (b)

(c)

Figure 5.4: (a) Tape temperature, (b) tape current evolution and (c) electric potential
evolution in time at x = 1 m during a quench simulation with transport current of 55 A
and input energy of 128 J.

Institute of Technology KIT (Germany). The original 2G YBCO tape has
a critical current of 130 A at 77 K and self-field. This value is homogeneous
along the tape length within a range of ± 10% . The punched strand exhibits
a reduction of performance, with a critical current Ic ∼ 65 A at 77 K in self
field [22] [23]. These experimental values are implemented in the model [22].

In the present study, the distributed electrical contact conductance σcel
is set to 1× 1012 S/m2 and the distributed thermal contact resistance to
1× 10−2 K m2/W. Transforming the value of distributed electrical contact
conductance per unit surface σcel to a lumped resistance Ra, the value found
is 8× 10−8 Ω, which is line with the experimental data presented in [22].

5.3.1 Quench Analysis

In the quench case hereby described, one terminal of each tape is energized
with a transport current of 55 A and a 77-K temperature is imposed as
initial and boundary conditions at the terminals. To analyse the effect of
the boundary conditions, a convergence study was performed by reducing
the length of the cable. For a cable length of 2 m, the boundary conditions
do not affect the solution of the problem presented in this work.

The quench is initialized by a triangular pulse starting at t = 0.95 s and
lasting 1 s with a peak power of 7.2× 109 W/m3 and a total amount of energy
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of 128 J. The virtual quench heater is 3 cm long and located in the middle
of tape #4. Fig. 5.2 shows the temperature along selected tapes (namely
tapes #1, #3, #4, #5, #6, #7, #11, #15) at different time instants. The
temperature of tape #4 rises up due to the heater pulse (Fig. 5.2a). After
a few seconds the temperature redistributes (Fig. 5.2b) and at t = 40 s all
tapes exhibit the same temperature (Fig. 5.2c). The profile clearly shows
the complete quench of the cable.

The current redistribution along the cable at different time instants,
reported in Fig. 5.3, shows the complete transition to the normal state of
the central zone, which is the most stressed area of the cable. In that zone,
the tapes are in normal state and the currents in all tapes are forced to flow
on the metallic matrices as indicated by the same current (55 A) near the
zone. This results in large Joule heating, rising the peak temperature of the
central zone.

The evolution of the current distribution during the quench initiation and
propagation is shown in Fig. 5.3. Computing the Normal Zone Propagation
Velocity from the data reported in Figs. 5.3a and 5.3b gives a value of 6 cm/s
in line with results reported in [19] [20].

The temperature evolution at x = 1 m is shown in Fig. 5.4a for selected
tapes. The details of the temperature distribution in the range from 70 K to
100 K is given in the inset of Fig. 5.4a. The temperature of tape #4 rises up
to a peak value of about 200 K due to the heater disturbance. The tapes with
temperatures higher than the current sharing temperature become resistive
and thus carry a current lower than the transport current of 55 A. The
current in these tapes decreases and redistributes towards the neighboring
ones (see Fig. 5.4b). After about 25 s, the temperature of the tapes rises up
irreversibly due to the Joule effect.

As shown in Fig. 5.4c, the electric potential of selected tapes at x = 1 m
with respect to the reference location rises irreversible around t = 20 s. It is
worth nothing that the tapes exhibit the same electric potential profile: the
current redistribution between them maintains the overall electric potential
constant. The quench decision time shown in Fig. 5.4c is in line with the
experimental values presented in [22].

In case of recovery, the temperature profile is reported in Fig. 5.5 for a
peak power of 7.0× 109 W/m3 and a total energy of 125 J. After a quench
decision time of about 20 s, a change of slope can be observed in the tape
temperatures.

5.3.2 Quench Energy

The Quench Energy QE for different Roebel configurations is shown in
Fig. 5.6 as a function of i = I/Ic.

The QE is computed for the 15-tape cable in the case of 3 and 10 cm
long heater. In the 3-cm case, for transport current below 55 A (1− i < 0.2),
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Figure 5.5: Tape temperature evolution in time at x = 1 m during a quench simulation
with transport current of 55 A and input energy of 125 J.

Figure 5.6: Quench Energy of the Roebel cable with different configurations at 77 K.

the working point is far from the critical surface and the Joule effect is not
sufficient for the quench propagation over the whole cable. The tempera-
ture increases due to the heater pulse and, after the pulse, the temperature
decreases to the nominal values. The data points characterized by this be-
haviour are marked with an asterisk in Fig. 5.6 and the QE is computed
as the energy required to reach a threshold temperature of 200 K at the
hot-spot location. In order to deposit an amount of energy avoiding the
exceeding of the safety temperature, the heater length is increased to 10 cm.

To analyse the impact on the QE of the total number of tapes, the QE is
also presented in Fig. 5.6 for a Roebel cable assembled by 7 tapes. Fig. 5.6
shows the effect of the number of tapes: the QE in the 15-tape cable is
increased more than a factor 2.5 with respect to the 7-tape cable.
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5.4 Conclusion

A novel approach for the analysis of quench and thermal stability of HTS
Roebel cable is developed in the frame of a quasi-3D electro-thermal FEM
model. Each tape of the Roebel cable is modelled by a reduced dimensional-
ity approach as a 1D pattern thermally and electrically in contact with the
others by distributed contact thermal resistances and electrical conductance
per unit surface.

The model is hereby applied for the analysis of quench in a 15-tape
Roebel cable for the EuCARD-2 project. The quench case presented points
out the current sharing and the temperature redistribution between tapes
during quench disturbance. If compared with the LTS cables, the low
Normal Zone Velocity equal to 6 cm/s increases the quench detection time
strongly influencing the design of safety protection systems for the Roebel
devices.

As a consequence of the higher heat capacity and of the current and heat
redistribution, the 15-tape cable exhibits Quench Energy greater by a factor
2.5 with respect to the 7-tape cable.

The comfortable results of the quasi-3D electro-thermal model make the
authors confident for further improvements. The effect on quench of the
current redistribution through the terminals at the ends of the cable and
the influence of the self-filed on the critical current parametrization are
further investigated. Future applications for the study of quench and current
redistribution are analysed not only in HTS Roebel cable but also in HTS
insulated coils wound with the Roebel bar technique.
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Chapter 6

Analysis of Losses for the
Future Superconducting
Gantry Configuration

6.1 Introduction

In both the analysis for the NHMFL prototypes and of the EUCARD2 -
Roebel cable, the slow time -varying magnetic field allows one to study the
stability without accounting for the coupling and magnetization losses. In
the second part of this study a different theme is presented, in the frame
of the design of the first superconductive Gantry magnet for cancer therapy
at the Paul Scherrer Institute (Switzerland), the electrothermal stability of
the Gantry is analysed during its operation cycle. The magnetic flux den-
sity variation during the cycle to bend the beam particle causes coupling
and hysteresis losses in the Gantry magnet system. The computed ac and
coupling losses are introduced in a thermal model to study the temperature
margin and the safety operation conditions of the Grantry magnet during its
operating cycle. The same thermal model and homogenization procedure for
the calculation of anisotropic equivalent material properties developed for
the quench studies described in the previous chapters is hereby applied and
furthermore validated. Before to describe the numerical techniques adopted
in the study, a brief introduction about the Gantry magnet for cancer ther-
apy and the common adopted methodologies for the ac and coupling losses
estimation is presented.

The medical therapies based on ion or proton beams are widely develop-
ing for cancer treatment due to their capability to irradiate the tumor from
different directions in order to reduce the dose on the normal cells. The
radiation dose delivered to the target volume is maximized and the dose
to the surrounding normal tissues is minimized [1]-[3]. Many facilities use
rotatable gantry beamlines to direct the proton or ion beam to the patient
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from different angle [4]. The proton or ion therapy facilities are composed
of beamline magnets, beam diagnostic elements and the mechanical support
structure. The gantry magnet system is the final section of these facilities;
it rotates around the patient and allows irradiating the tumor from different
directions. These systems can be extremely heavy and cumbersome: as an
example, the gantry magnet system of the Heidelberg Carbon Ion Gantry
facility weighs 600 tons [4], and the Proton Therapy Gantry 2 of PSI weighs
200 tons [5]. A remarkable step forward in the direction of designing more
compact and lighter gantries could be achieved by means of superconducting
magnets, in particular for the final bending section that has a large aperture.
The high field intensities that can be achieved with superconducting mag-
nets allow decreasing the bending radius and, therefore, the overall weight
and footprint of the system, with consequent reduction of the total size and
complexity of the mechanical structure. Moreover, superconducting mag-
nets allow reaching higher magnetic field gradients, which allows increasing
the momentum acceptance of the particle beam. This feature reduces the
need to ramp the magnet, which allows covering a large momentum spread,
and enables new treatment techniques [6]-[7]. Recently, superconducting
magnets have been designed and built for the carbon ion gantry at the Na-
tional Institute of Radiological Sciences (NIRS) in Chiba (Japan) and for a
proton gantry developed by the US company Pro-Nova [8]-[10]. These first
superconducting gantry systems are currently under commissioning [11]. An
R&D project to reduce the size of rotating gantry systems is presently in
progress at the Paul Scherrer Institute [1]-[2], Switzerland, with the aim
of developing a superconducting magnet system wound with Nb3Sn Ruther-
ford cables. The use of coolant for the magnet mounted on a rotating gantry
is extremely difficult, and therefore, a conduction cooling option has been
selected for this project. As already mentioned, the magnetic field of the
rotating gantry has to vary in time depending on the energy of the particle
beam. These electrodynamic transients generate losses in the superconduct-
ing coils, both due to hysteresis and to coupling currents. Moreover, some
particles escaping from the nominal trajectory (beam losses), may collide
with the coils causing thermal inputs that can result in a poor thermal
stability of the conduction cooled coils. Therefore, the determination of
coupling and hysteresis ac losses in relation with the magnetic field cycle is
essential to ensure the thermal stability of a gantry magnet [12].

The state of the art for superconducting gantry systems is based on
NbTi magnets. The analysis of losses and stability on NbTi gantry magnets
is relatively widely analyzed in literature. Experimental tests of thermal
stability on NbTi gantry magnets are presented in [12], whereas theoreti-
cal analyses are described in [13] and [14]. Superconducting materials other
than NbTi, such as Nb3Sn and HTS have several advantages due to their in-
creased current carrying capability and temperature margin, but have been
usually ruled out due to cost and difficulties associated with magnet fabri-
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cation (such as conductor heat treatments on the winding tapes). Detailed
studies of available temperature margins have to be carried out to deter-
mine the capabilities of Nb3Sn and HTS materials for their application in
gantry systems [14]. A few studies have been presented to determine the
advantages and overall thermal stability of HTS materials for gantry mag-
net systems [15]-[16]. Meanwhile, the temperature margin and ac losses for
Nb3Sn gantry magnets have not been thoroughly analyzed yet.

In this chapter, a detailed numerical analysis is presented for the deter-
mination of temperature increase related to coupling and hysteresis losses
during the working scenario of the Nb3Sn gantry magnet under develop-
ment at the Paul Scherrer Institute [1]-[2]. The THELMA code developed
at the University of Bologna, validated for the study of Cable in Conduit
Conductors for the ITER project [17]-[18], is adapted here to the analysis
of ac losses in the Nb3Sn Rutherford cable configuration. The model of the
Rutherford cable is based on a distributed parameter circuit approach, that
was proved suitable for the analysis of long range coupling currents both
with numerical [19], [20] and analytical studies [21] [23]. The main devel-
opment of the model adopted in this chapter with respect to the models
presented in [19]- [23] consists in the adoption of non-homogenous inter-
strand contact conductances along the cable length, which allow a proper
description of the short range coupling currents and related losses. The
computation of coupling losses is validated in simplified cases versus analyt-
ical formulae available in the literature. Then, the coupling and hysteresis
losses during the gantry magnet system operating transport current cycle
are computed with THELMA, and implemented in a thermal model devel-
oped in the COMSOL Multiphysics environment [24]. Finally, the computed
temperature distribution of the coils is compared with the current sharing
temperature to determine the temperature margin during the operating cur-
rent cycle.

6.2 Gantry Magnet System Configuration

The magnetic flux density in accelerator magnets is usually represented
through a series development, in which the various components are referred
to as field harmonics [25].

By + jBx =

inf∑
n=1

(Bn + jAn)

(
x+ jy

r0

)n−1

(6.1)

where r0 is a reference radius, Bn is the normal 2n-pole component of the
magnetic field and An is the skew 2n-pole component of the magnetic field.
In a former study a configuration of superconducting gantry magnet system
proposed by PSI was presented in [1]. Several modifications to improve
the magnetic system were then implemented in the configuration presented
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Figure 6.1: Layout of the gantry magnetic system as implemented in the THELMA code
model. The split of the curvilinear part of each coil in 5 segments is only made for graphical
representation purposes.

in [2], which is the one analysed in the present study. In this configuration,
the dipolar field used to bend the protons to the patient location is produced
by racetrack coils. The combined function magnet system configuration in-
cludes 8 main coils and two end quadrupoles, as shown in Fig. 6.1. The
main dipole field component is provided by coils #1, #2, #3, #4. These
coils also contribute with two other harmonics, namely a quadrupole and a
sextupole field component. The coils #5, #6, #7, and #8, located in the
middle of the magnet configuration, mainly contribute to the magnetic flux
density with a quadrupole and a sextupole component. The end quadrupoles
(with indices from #9 to #16) provide essentially a quadrupole component
and consist of four copper racetrack coils. The magnetic geometry is such
to produce a FODO structure (the term “FODO” describes a sequence of
focusing, F, and defocusing, D, quadrupole magnets with dipole magnets or
drift spaces denoted by “O”) with the first quadrupole focusing in the bend-
ing plane. The superposition of dipole and quadrupole fields allows having
locally achromatic bending sections without increasing the gantry size. For
this reason it is important to use combined function magnets [6]. In optics
rays of different wavelength find a different refraction index in a lens and
therefore they experience a different focal length producing chromatic aber-
rations. In analogy to that, particles of different momentum see a different
focusing strength in the quadrupoles. To correct the natural chromaticity
produced by the focusing elements, a sextupole field component is added.
In a sextupole a particle passing off-center receives a kick proportional to
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Table 6.1:
MAIN GEOMETRIC DATA OF THE COILS

Coils N. 1,2,3,4

Cross section Width 40 mm

Cross section Height 140 mm

Number of layers (in the width direction) 27

Number of turns per layer (in the height direction) 28

Total number of turns 756

Cross section of cable with insulation in the coil 7.41 mm2

Length of the coil axis 2.65 m

Coils N. 5,6,7,8

Cross section Width 31 mm

Cross section Height 150 mm

Number of layers (in the width direction) 21

Number of turns per layer (in the height direction) 30

Total number of turns 630

Cross section of cable with insulation in the coil 7.38 mm2

Length of the coil axis 0.794 m

Coils N. 5,6,7,8

Cross section Width 40 mm

Cross section Height 100 mm

Length of the coil axis 0.215 m

the square of its displacement from the center. A sextupole acts then as a
quadrupole with a focusing strength proportional to the displacement from
the center.

The main geometric data concerning the magnet system design are re-
ported in Table 6.1. In the present configuration, the same Nb3Sn Ruther-
ford cable structure is adopted for winding all the coils (#1 #8). The
cable is not keystoned and composed of 12 Nb3Sn strands. The main data
of the Rutherford cable are reported in Table 6.2, whereas the main data
concerning the superconducting wire are reported in Table 6.3. The pa-
rameterization of the critical surface of the wire adopting the ITER like
parameterization is reported in [26].

The reference working scenario of the gantry magnet system is char-
acterized by a series of transport current ramps and plateaus as shown in
Fig. 6.2. The transport currents in the coils from #1 to #4 are identical,
since they are connected in series; the same holds for the transport currents
in the coils from #5 to #8. All transport currents exhibit an initial ramp
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Table 6.2:
MAIN DATA OF THE RUTHERFORD CABLE

Type of cable Rutherford

Twist Pitch 70 mm

Number of strands 12

Strand diameter 0.82 mm

lay angle 8.0◦

Keystone angle 0◦

Cu/nonCU 0.93

RRR 100

Width 4.9 mm

Thickness 1.45 mm

Critical current (4.2 K, 8 T, -22%) 363 A

Table 6.3:
MAIN DATA OF THE COMPOSITE SUPERCONDUCTING WIRE

Material Area % fraction

Cu 3.05× 10−6 m2 41.2

Nb3Sn 1.64× 10−6 m2 22.2

Epoxy 1.07× 10−6 m2 14.5

Bronze 1.64× 10−6 m2 22.2

to their maximal value, followed by several cycles between this maximum
and an intermediate current level set to 2/3 of the maximal current level.
The transport current scenario is based on a worst case treatment scenario
where four fields are applied each having a large depth extension requiring
three magnets ramps per layer.

6.3 Model Description and Loss Computation Method-
ologies

6.3.1 Model Description

The electromagnetic model of the Rutherford cable in THELMA code [17]-
[18] is based on a distributed parameter circuit approach. The equations
of the model are derived from the Magneto-Quasi-Static formulation of the
Maxwell equations. In order to discretize the Rutherford cable geometry, a
single strand is a cable element (CE) of the model and the number of cable
elements (NCE) of the model coincide with the number of strands. The
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Figure 6.2: Evolution in time of the transport currents of the 8 main coils of the PSI
gantry magnet system during a typical operating cycle.

unknowns of the problem are the values of the difference currents (iα with
α = 1, · · · , NCE) of the cable elements with respect to a uniform current
distribution.

iα = Iα −
I

NCE
where α = 1, ..., NCE (6.2)

where Iα is the current in the α-th cable element and I is the total current of
the cable. The scalar electrical potential and the magnetic vector potential
are solved. The current density continuity condition is added to compute
the current density in each CE.

E(P, t) = −∇V − ∂

∂t

[
µ0

4π

∫
Ω

J(Q, t)

| P−Q |
d3Q

]
(6.3)

∇ · J = 0 (6.4)

The closure of equations is obtained by the power law as a constitutive law of
the superconducting material. The other materials that compose the strand
are supposed in parallel with the superconducting one.

The self and mutual per unit length induction coefficients are numerically
calculated from geometrical parameters of the cable (twist pitches, cable-
axes trajectory, strand diameter etc etc). From the geometrical parameters
is also computed the per-unit-length conductance between CEs as a function
of the longitudinal coordinate.
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6.3.2 Hysteresis Losses

The electrodynamic losses are generated mainly during the current ramps
and are due to both the hysteresis and coupling losses. The equations of
the electrodynamic model implemented in the THELMA code [17]- [18] al-
low one to compute the current distribution between the strands and the
corresponding coupling losses. The current sharing between strands occurs
through either a uniform or a variable contact conductance per unit length.
In both cases, the per unit length conductances are computed in order to
obtain given values of the adjacent (Ra) and crossover (Rc) resistances [27]
respectively set to 50µΩ and 100µΩ.

The determination of the hysteresis losses starts from the calculation
of the effective diameter (deff ) of the strand. In the present analysis, the
Nb3Sn strand selected for the magnet system design owes to the pool of the
ITER strands. The deff is computed from the magnetization cycle obtained
experimentally, and is equal to 7.8µm for this wire.

The local value of the power dissipated per unit volume due to the hys-
teresis losses is then given by the following expression [28]

P

[
W

m3

]
=

2

3π
µ0Jc (B, T, ε)λ ddeff |

dB

dt
| (6.5)

where Jc is the critical current density as a function of the temperature T ,
magnetic flux density B and strain ε; λ is the superconductor fraction; deff
is the effective diameter of the strand and | dB/dt | is the time derivative of
the magnetic flux density.

This formula requires the knowledge of the field distribution at every coil
location: from this input both the local value of the critical current density
and of the time derivative of the magnetic flux density can be computed.

6.3.3 Coupling Losses

The validation of the THELMA model [17]- [18] for the calculation of the
coupling losses was carried out in a simplified test case, by comparison with
two analytical formulae available in the literature [29]- [30]. The selected
case study consists of a rectilinear Rutherford cable composed by 14 strands,
without transport current, subjected to a uniform magnetic field applied
orthogonally to the broad face of the cable. The time dependence of the
magnetic field follows a triangular wave from 0 to 3 T, with a variable ramp
rate.

The comparison between the analytical and the numerical THELMA
results are performed with two different models. In a first approximate
model the per unit length conductance is assumed uniform along the cable
length; the value selected is equivalent to the overall resistance between the
two strands over one cable twist pitch given by the local contact resistances
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Figure 6.3: Power per unit length dissipated in the Rutherford cable subjected to a uniform
magnetic field applied perpendicular to the cable wide face: numerical vs analytical results.

between two strands. A second approach is based on the definition of a
variable contact conductance between the strands. The variable conductance
is calculated from the geometrical model assuming a given value of the per
unit surface conductance, which is implemented as a fitting parameter.

A convergence study was performed by changing the number of mesh ele-
ments per twist pitch in the numerical simulations. The comparison between
the numerical and analytical results is presented in Table 6.4. The results
clearly indicate that the model based on a uniform contact conductance per
unit length, which is suitable for the calculation of long range coupling cur-
rents [19], is not suited for the analysis of short range coupling currents,
as it underestimates the losses due to coupling currents. The results show
that the model with non-uniform contact conductances between strands is
suitable to compute the losses due to coupling currents; the number of mesh
elements in a twist pitch does not significantly affect the results. In the case
of 14 mesh elements per twist pitch, only one mesh point is included in ev-
ery cross-over contact between non-adjacent strands. In the 28 and 42 mesh
element cases, each contact is discretized with two and three mesh point
respectively. The convergence study shows that using 28 elements along
one cable twist pitch is sufficient for a correct computation of the coupling
losses without excessively increasing the computational efforts. This level of
mesh refinement was therefore selected for the following analyses. In order
to compare analytical and numerical results over a broader range of model
parameters, the power loss was computed with variable ramp-rates of the
magnetic flux density applied perpendicular to the broad face of the cable.
Fig. 6.3 shows the quadratic dependence of the losses on the ramp rate, and
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Table 6.4:
THELMA MODEL RESULTS WITH Ḃ = 1 T/S

Number of Q(mW/m) Q(mW/m) Q(mW/m) Q(mW/m)

elements in a constant variable Sytnikov Akhmetov

twist pitch conductance conductance [29] [30]

magnetic flux density field perpendicular to the large surface of the cable

14 21.45 35.07

28 21.31 34.55 36.38 35.86

42 21.30 35.86

Table 6.5:
Thelma versus analytical results.

Ḃ(T/s) Q(mW/m) Q(mW/m)

variable conductance Sytnikov

0.1 0.35 0.36

0.2 1.38 1.46

0.4 5.53 5.82

0.8 22.11 23.28

1.0 35.87 36.38

a good agreement of numerical and analytical results over the whole range
of this parameter is obtained (see Table, which therefore gives confidence in
the modeling approach adopted.

6.4 Computation of Total Losses in the Gantry
Magnet System

6.4.1 Computation of Total Losses at Selected Turns of the
Gantry Magnets

The power losses during the electrodynamic transients of the gantry system
were computed selecting for each coil a given number of reference turns. In
particular, six representative turns for each coil were modeled at the strand
level by the THELMA code. The locations of these turns, numbered from
#1 to #6, are shown in Fig. 6.4. The indication of the trajectory of the
Rutherford cable along turn #1 of coil #1 is shown in Fig. 6.4a.

The geometry of the reference turns is reproduced for all the main coils of
the gantry magnet system. The total power losses, including hysteresis and
coupling losses, are computed by the THELMA code at the representative
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Figure 6.4: (a) Components of coil #1 used, with indication of the trajectory of the
Rutherford cable along turn #1 of coil #1. (b) Position of the representative turns of a
coil (figure not in scale) (c) Magnetic flux density lines at the positions of coils #1 and
#2 in 2D plot of the coil cross section in the middle plane orthogonal to the z axis.

turns during the typical operating current cycle (see Fig. 6.1). As a first step,
in order to understand the symmetries of the magnet system, only turns #1,
#2, #3 and #4 are considered in the analysis. The total power, integrated
over the whole length of each turn, is divided by the total volume of the turn,
including both the cable and the epoxy resin insulation located around each
turn, in order to obtain the losses per unit volume. The total losses per unit
volume computed for the coils #1, #2, #3, and #4 are reported in Fig. 6.5.
It is worth noting that the power evolution follows the operation current
profile, with null power losses during the plateau, and a cyclic behaviour
during the transport current cycles mentioned above. It can be noticed
that the computed power loss curves for the coils #1 and #3 are identical;
this identity is confirmed for all the representative turns at every location
of the coil. The same comment applies for the losses in coils #2 and #4.
These identities are related to the symmetry of the gantry magnet system
in the present configuration. Moreover the losses in coil #1 and coil #2 are
identical once the representative turn #2 is exchanged with turn #4 and
turn #1 is exchanged with turn #3. The same consideration holds for the
losses in coil #3 and coil #4. These identities derive from simple symmetry
considerations about the configuration of the gantry magnet system and of
the representative turns geometry shown in Fig. 6.4. These arguments lead
to the conclusion that all coils #1 through #4 will be characterized by the
same temperature distribution at the end of the transport current cycle in
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Figure 6.5: Average power loss per unit volume for the 4 representative turns of re-
spectively coil #1, coil #2, coil #3, coil #4 computed with uniform current boundary
conditions.

adiabatic conditions. Thus, only one coil out of the first 4 of the gantry
magnet system is analyzed for the detailed calculations of the temperature
distribution. The selected representative coil for these computations is coil
#1.

Similar considerations hold for the coils #5, #6, #7, and #8. Therefore,
the expected temperature distribution after the transport current cycle in
these 4 coils is practically the same. Thus, only one coil is selected for the
temperature distribution computation at representative, namely coil #5.

Once identified the two coils #1 and #5 of interest for the present anal-
ysis, a more detailed description of these two is then performed computing
the losses in the two additional turns #5 and #6 shown in Fig. 6.4b. The
losses at all the 6 representative turns of the coils #1 and #5 are presented
in Fig. 6.6.

6.4.2 Impact of Boundary Conditions on Current Distribu-
tion and Power Losses

Several types of boundary conditions can be applied to the calculation of
current distribution in the frame of distributed parameter circuit models.
The first type of boundary condition supposes that the transport current is
uniformly distributed between strands at the cable ends. The second type
of boundary condition assumes that the strands are connected through an
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Figure 6.6: Average power loss per unit volume for the 6 representative turns of coil #1
and coil #5, computed with uniform current boundary conditions.

equipotential surface at the cable ends. The real operating conditions, rep-
resented by a continuous flow of currents from one turn to the next one,
are included between these two extreme cases. The impact of these two
different boundary conditions on the total power losses along one represen-
tative turn are shown in Fig. 6.7 for coil #1 (turn #4) and coil #5 (turn
#3) respectively. It is worth noting that no essential modification of the

Figure 6.7: Average power loss per unit volume for turn #4 of coil #1 and turn #5 of
coil #3 with uniform current boundary conditions and short circuit boundary conditions.

total power loss in the two coils is observed when changing the boundary
conditions. This result is mainly related to the predominant effect of the
hysteresis losses on the total losses in each strand. The boundary condition
affects the current redistribution between the different strands of the cable.
Therefore, the effect of boundary condition is predominant on the coupling
losses. The hysteresis losses are mainly dominated by the value of the to-
tal magnetic field, whereas the influence of the current redistribution and
of the boundary conditions on the hysteresis losses is negligible. The de-
scribed behaviour, with reference to turn #4 of coil #1, is shown in Fig. 6.8
for short circuit boundary conditions and in Fig. 6.9 for uniform current
boundary conditions. The difference in coupling losses obtained with the
two studied types of boundary conditions does not affect the results on the
total losses. The total AC and coupling losses are not affected by the two
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type of boundary conditions. Since the uniform current distribution bound-
ary condition reduces the degrees of freedom of the model and is usually
adopted in literature [22], it is also implemented in the present work. The
same considerations can be deduced analysing the results obtained for coil
#5.

Figure 6.8: (a) Modulus of the magnetic flux density field on strand #1 of the coil #1 at
t = 100 s. (b) Average power loss (hysteresis + coupling) along the reference turns of coil
#1 at t = 90 s. (c) Sketch of the different locations along the turns of coil #1.

Figure 6.9: Simulations with uniform current boundary conditions: (a) total power loss
along the length (cable coordinate) of turn #4 of coil #1 at t = 20 s t = 40 s, t = 60 s, t
= 80 s, t = 90 s and (b) coupling and hysteresis losses at t = 90 s.

6.4.3 Results

The flux lines of the magnetic flux density at the locations of coils #1 and
#2 are shown in Fig. 6.4c. The modulus of the magnetic flux density is
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greater at the turns #3, #4 and #6 than at the locations of turns #1, #2
and #5.

In order to understand the dependence of the current distribution on
the magnetic flux density inside the coil, the longitudinal variation of the
magnetic flux density along selected strands is analysed here. Fig. 6.7 shows
the modulus of the magnetic flux density field along the cable coordinate
for the 6 reference turns of coil #1. The magnetic flux density is highest at
the turn #6, since it is located close to the magnet bore. The magnetic field
exhibits a periodicity with period equal to the twist pitch of the cable, due
to the zig-zag path of each strand along the cable length. The magnetic flux
density is higher at the internal turns (#1, # 2 and #5) then at the external
turns (#3, #4 and #6). Therefore, the magnetic flux density differently
affects the different turns and the different points A, B, C, D (see Fig. 6.8c)
along the turns. The different power loss regions are related to the impact
of the magnetic flux density at the various coil locations. The power loss
density along the turns of coil #1 at t = 90 s is shown in Fig. 6.7b. It
can be noticed that the power loss density along the reference turns is more
homogeneous than the magnetic flux density at the turns themselves. The
result is due to dominant contribution of the hysteresis losses on the total
losses. Moreover, the hysteresis losses depend on the product of the critical
current density, which decreases with the magnetic flux density, and the
time derivative of the magnetic flux density, which is greater at the high
field locations. The total power losses per unit volume along the length of
turns #1 and #3 of coil #1 are shown in Fig. 6.8. The power losses closely
follow the distribution of the magnetic flux density along the length of the
turn. Moreover, the power losses decrease in time during the initial transport
current ramp up. As mentioned above, the hysteresis losses are dominant
and depend linearly on the critical current of the wires, which decreases with
increasing the magnetic flux density during the current ramp. Therefore, the
initial parts of the ramp are quite delicate in terms of input power from the
electrodynamic losses in these coils.

6.5 Thermal Model of the Gantry Magnet System

6.5.1 Calculation of Temperature Distributions for Coil #1
and Coil #5

The thermal model of the magnet system solves the heat balance equation
in a 3D reference system where the homogenized cable properties are con-
sidered.

ρHomCpHom
∂T

∂t
+∇ · (−KHom · ∇T ) = Qtot (6.6)

where the homogenized cable properties are considered. The parameter
ρHom [kg/m3] is the homogenized density, CpHom [J/kgK] is the homoge-
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nized specific heat and KHom [W/mK] the tensor of homogenized anisotropic
thermal conductivity .

The materials considered in the present analysis are: copper, supercon-
ductor and bronze in the composite wire cross section, and epoxy resin in the
winding pack. Their respective cross section areas are reported in Table 6.3.

Both the specific heat and the longitudinal thermal conductivity have
been homogenized accounting for the cross section areas of the coil con-
stituting materials. The thermal conductivity in the transverse direction,
instead, has been taken equal to the thermal conductivity of the epoxy resin,
which represents the main thermal resistance to the flux flow in transverse
direction. The validation of the homogenization procedure and the com-
parison with smaller volume with all the individual material components is
carried on in [31]. The approach was further applied and compared with
experimental results for large scale devices in [33]- [34].

As anticipated in the previous sections, the incoming power density from
the electrodynamic losses is calculated with the THELMA code at the se-
lected reference turns 1, 2, 3, 4, 5 and 6 of the coils #1 and #5. The
calculation of the temperature rise due to these losses is performed for these
two coils only, given the aforementioned symmetry conditions. Of course,
the heat source obtained with THELMA has a time-dependent profile re-
lated to the magnetic flux density ramp rate. The heat source at the vertex
points is interpolated in the mesh of the COMSOL model by spreadsheet
tables. A further interpolation in time is required to account for the time
dependence of the total losses computed by THELMA at different time in-
stants. As mentioned above, in the parametrization of the critical surface of
the strand, the critical current depends on the magnetic flux density, and it
diverges for very low values of this field. Therefore the losses diverge if the
magnetic flux density gets close to zero. The influence of losses on the tem-
perature increase is controlled by setting their maximal value to 300 W/m3.
The introduced maximum value is obtained for a magnetic flux density of
around 0.5 T. Computations performed without limits on the ac losses max-
imum value show no substantial changes in the final temperature of the coils
#1 and #5.

The temperature distributions obtained from the COMSOL computation
at t = 20 s during the initial current ramp- up and at t = 440 s, almost at
the end of the transport current cycle, are reported respectively in Fig. 6.10.
It is worth noting that a very uniform temperature distribution is obtained
both during the current ramp and at the end of the operating current cycle
over the whole volume of the coil transverse cross section. This result is
quite important, as it shows that the formation of hot spots is not expected
in these working conditions. The same result is shown for the coil #5 in
Fig. 6.11 at t = 20 s and t = 440 s. Also the coil #5 exhibits the same
thermal behaviour: the temperature distributions are very uniform and the
formation of hot spots due to the losses in electrodynamic transients is not
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expected.

Figure 6.10: Temperature profile over the volume of coil #1 at (a) t = 20 s during the
initial current ramp-up and (b) after the whole operating current cycle (t = 440 s)

Figure 6.11: Temperature profile over the volume of coil #5 at (a) t = 20 s during the
initial current ramp-up and (b) at t = 440 s after the whole operating current cycle

6.5.2 Computed Temperature Distribution vs Current Shar-
ing Temperature

In order to compare the increase of the coils temperature during their oper-
ating current cycle with the allowable temperature limits of the magnet, the
current sharing temperature (Tcs) of the coil is computed at the peak field
locations of both coil #1 and #5. Since the temperature distribution re-
sulting from the power losses is very uniform for both coils, the temperature
margin of the coil can be assessed by only considering the margin available
at the location of peak field. The current sharing temperature is defined
here as the temperature at which the electric field reaches its critical value
conventionally set to 10× 10−5 V/m. Since the current sharing temperature
is a function of the applied magnetic flux density, its value varies in time
during the operating current cycle.
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The time evolution of the current sharing temperature (Tcs) at the peak
magnetic flux density location of coil #1 is reported in Fig. 6.12. It is worth
noting that the maximal temperature reached in coil #1, 8 K, is below the
lowest limit of 9.7 K set by current sharing temperature at the peak field
location. The temperature margin for this coil is therefore 1.7 K, which is
sufficient for a safe magnet design. The same considerations are deduced for
the coil #5. The Tcs at the peak magnetic flux density location is reported
in Fig. 6.13. Also in this case, the maximal temperature reached in the
coil (7.2 K) is below the lowest limit of 9.3 K set by the current sharing
temperature. A temperature margin of about 2.1 K is sufficient for a safe
operation of the coil.

In these design considerations, it should be reminded that the temper-
ature distribution of the coils is computed assuming adiabatic boundary
conditions, which therefore give a conservative approach.

Figure 6.12: Profile of the current sharing temperature (Tcs), blue curve, primary axis
on the left) and magnetic flux density at the peak field location of coil #1 (B, red curve,
secondary axis)

Figure 6.13: Profile of the current sharing temperature (Tcs), blue curve, primary axis
on the left) and magnetic flux density at the peak field location of coil #5 (B, red curve,
secondary axis)
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Conclusion

The analysis reported in this paper is aimed at determining the losses in a
superconducting Gantry magnet system for proton treatment in the frame
of tumour therapy.

The THELMA model, previously developed for the analysis of Cable
in Conduit Conductor, was adapted to analyse ac losses in the Rutherford
cable configuration, and validated by comparison to analytical formulae in
simplified test cases. The code was validated for the calculation of losses
in Rutherford cables by comparing analytical and numerical results in sim-
plified cases available in the literature. The comparison shows that a good
agreement can be achieved with a number of elements per cable twist pitch
equal to the double of the number of strands. A variable contact conduc-
tance between strands along the cable length is essential to achieve a good
agreement with the analytical calculations.

The THELMA model was then applied to the analysis of the gantry
magnet system, by determining both hysteresis and coupling losses. The
hysteresis losses are mainly influenced by the variation of the total mag-
netic field, by the critical current density and by the effective diameter of
the superconducting wires. It was found that in the considered design the
hysteresis losses are predominant with respect to the coupling losses. The
interstrand coupling losses were computed by selecting a number of repre-
sentative turns in the winding pack cross section. The THELMA code allows
one to account for the magnetic field generated by all coils in the magnet
system, and by all turns except for the selected one, under the assumption
that the current is uniformly distributed between strands. The analysis
show that the interstrand coupling losses are affected by the selection of
the boundary conditions at the ends of the representative turn. The real
current distribution should be included between the two extreme conditions
represented by the two boundary conditions of uniform current distribution
at the cable ends and of equipotential surface at the cable ends. The total
losses however, are only marginally affected by the selection of the boundary
conditions of the coupling loss calculation.

Due to the influence of the magnetic field on the hysteresis losses, the
total losses depend on the distribution of the magnetic flux density along
the length of the representative turn. On one hand, the hysteresis losses
increase with the critical current of the wire, which decreases with increasing
the magnetic field. On the other hand, the hysteresis losses depend on the
time derivative of the magnetic flux density, which is greater at the high field
locations. Although the locations of peak field generally exhibit higher losses
than the rest of the winding pack, there is some compensation effect, so that
the loss distribution versus location is smoother than the field distribution.
As far as the time distribution of the losses, during the initial ramp of the
transport current cycle, when the critical current density is high due to the
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low values of magnetic field, a significant input power enters the magnet
system due to the electrodynamic losses.

The computed losses were implemented in an adiabatic thermal model to
perform a conservative estimation on the thermal stability of the magnet sys-
tem design during the operation current cycle. The computed temperature
profile was compared with the time dependent current sharing temperature,
obtaining as a result a sufficiently large temperature margin, that guarantees
a safe magnet design.
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Conclusions

A fundamental step in the design of superconducting magnets is the cal-
culation of the minimum energy that determines the transition of the su-
perconducting material from the superconducting to the normal state. In
the present work several numerical models are developed and applied to the
analysis of quench in superconducting HTS magnets. The large scale and
hence the large number of degrees of freedom of superconducting magnets
and moreover the high aspect ratio that characterize the REBCO-based
materials require the introduction of numerical techniques that reduce the
computational effort to a reasonable scale.

In the present work, several numerical models are presented. In the sec-
ond chapter the first prototype developed in the R&D activity for the 32-T
magnet project at the NHMFL is discretized adopting a quasi-3D FEM
model. In the third chapter, the same model is applied for the quench anal-
ysis of the second prototype of the NHMFL, able to describe the inductive
coupling between the HTS insert coil and the LTS outsert. In the fourth
chapter, the same model is applied for the study of the 32 T magnet itself,
an HTS magnet composed of two coil and 120 pancakes in total. In the fifth
chapter, the same approach applied for the NHMFL coils is used for the
modelling of quench initiation and propagation in the Roebel cable for the
EuCard-2 project.

In the last chapter, a different topic is presented. The ac and coupling
losses in the operating cycle of a Gantry magnet system are studied in
detail. The computed losses are introduced in a thermal model to study
the temperature margin and the safety operation conditions of the magnet
during its operating cycle.

The modelling of the large scale superconducting devices requires the
introduction of a technique for the reduction of the degrees of freedom.
To this purpose, the different layers that compose the REBCO tape are
homogenized considering the different materials as in parallel for the longi-
tudinal properties and as in series for the transversal ones, thus obtaining a
anisotropic equivalent material. The approach allows one to consider a sin-
gle element (the pancake in the NHMFL coils and the single tape in Roebel
cable) as composed by a single material; nevertheless the model is able to
compute precisely the magnetic flux density, the temperatures and voltages
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at each location of the pancake for the NHMFL coils and along the tapes
of the Roebel cable. The homogenized approach is further applied in the
last chapter. While in the NHMFL coils and in the Roebel cable cases, the
homogenization is applied at the conductor level, in the temperature margin
study of the Gantry magnet, the global magnet is homogenized to determine
the properties of a single anisotropic material.

In the first part of this work, the solution of temperatures and voltages
of the pancakes (for the NHMFL coils) and of the tape (for the Roeble cable)
is based on the discretization of one single mesh. The solution of the current
density continuity condition and of the heat balance equation for an array
of variables (voltage and temperature) one for each pancake of the coil or
for each tape of the cable.

The possibility to simulate experimental tests is allowed by the coupling
of the detailed FEM model with a general law determined on the base of
the Kirchhoff’s relations. In the case of the NHMFL coils, the heat balance
equation and the current density continuity condition is coupled with the
coil constitutive law. The approach enables the study of both the detailed
and the global behaviour of a magnet during quench.

The aim of the developed numerical models is the analysis of quench ini-
tiation and propagation. In the different cases where the models are applied,
the models allowed to study the Minimum Quench Energy (MQE) and the
Normal Zone Propagation Velocity (NZPV). The MQE is determined in the
different cases in the range of about 50 J. The Normal Zone Propagation
Velocity is computed between 6 cm/s and 15 cm/s. Both MQE and NZPV
are in line with the values available in the literature.

The study of the temperature distributions and of the voltage profiles
are of great importance to investigate in detail the behavior of a magnet
during quench and to determine the hot spot points and areas that could
determine the damage of the magnet. A key role in the protection of a
magnet from permanent damages is played by the quench protection system.
The threshold voltage of the protection system is a crucial parameter: a too
high value could determine the disruption of the magnet, whereas a too low
value could affect the nominal operation of a magnet. In the case analysed,
the terminal voltages of each pancake in the NHMFL coils, the voltage profile
of the tapes and the quench decision time of about 10 s in the Roebel cable
are determined with care so as to be useful for the setting of a reliable value
of threshold voltage in the quench protection system.

If, on one side, the models give the chance to study the details of quench
initiation and propagation, on the other side they give the opportunity to
analyse the global behavior of a magnet. In most of the selected cases, the
current decay of the magnets is presented in order to give an insight of the
damping time. The influence of the different pancakes (for the NHMFL
coils) or of the different tapes (for the Roebel cable) on the quench of the
analysed magnets is studied in detail to determine the most stressed area
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of a magnet and the impact on quench of the main variables: temperature,
magnetic flux density, field angle, heater location. The total amount of
energy stored in the magnet and the energy exchange between the insert
and the outsert are determined to study the impact of the outsert on the
quench of the insert.

In the second part of this work, a numerical approach is applied for
the determination of the temperature margin in the Gantry magnet system.
The technique is focused at the determination of ac and coupling losses in a
range of 100 W/m3 and 10 W/m3 respectively and the introduction of the
losses in the thermal model to determine the temperature increase of the
magnet. A temperature margin of about 2 K allows one to conclude the
safety operation of the Gantry system.

In conclusion, based on the same techniques, homogenization procedure,
single mesh and resolution of an array of variables, different models are
developed in this work. The comparison of the models with experimental
and with numerical investigations performed by other research groups allow
to be confident of the approach proposed and the possibility to be applied
also to large scale magnets.
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